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 Fiber-reinforced composites have been widely employed in structural applications due to their high 
stiffness-to-weight ratio and easily-tailored mechanical properties. However, manufacturing of these 
lightweight materials involves an infusion and curing process, and flow-induced defects and residual 
stresses can easily occur, which can compromise the mechanical performance of the composite structures. 
The purpose of this work is to develop an integrated flow-curing processing model to accurately predict the 
resin flow front and the residual stresses in the Liquid Composite Molding (LCM) process. In the infusion 
model, the fiber fabrics are treated as a homogeneous and porous material, and the resin flow movement is 
governed by the Navier-Stokes equations. The resin flow can be solved using the Volume of Fluid (VOF) 
method. Due to the pressure equilibrium, the resin flow movement and the compaction of the fiber preform 
are two-way coupled, and the coupling between the flow and compaction models can be captured in the 
proposed model. 
 
After the infusion simulation, the residual stresses are predicted through a curing model. Since the thermal 
and chemical strains are major contributing factors to the residual stresses, the temperature and cure 
progression inside the composite are first predicted through a thermal-chemical analysis. Based on the 
predicted temperature and cure progression, the residual stress development can be captured through a 
thermo-viscoelastic model. Based on the elastic moduli of the fiber and viscoelastic properties of the resin, 
the effective relaxation moduli of the composite can be predicted through the correspondence principle and 
micromechanics models. The effective composite properties are then included in a 3D anisotropic 
viscoelastic constitutive law, and the differential form of the constitutive law is developed for numerical 
implementation to improve the computational efficiency. 
                                                                  Weijia Chen – University of Connecticut, 2019 
The accuracy of the processing model is assessed by comparing the simulation results against experiments 
through a set of benchmark examples. The proposed coupled flow-curing processing model is physics-
based and experimentally-validated, which can be employed to understand the variability in composite 
manufacturing and identify the root causes of processing-induced defects. The integrated model shows great 
promise as a modeling toolkit to guide the design of optimal manufacturing procedures with minimized 
defects. 
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CHAPTER I
Introduction
Because of the high stiffness-to-weight ratio and better resistance to impact and
fatigue loadings, the fiber-reinforced polymer matrix composites have been increas-
ingly favored by aerospace and automobile industries. In the composite, fibers are
stiffer materials, and the resin serves as an adhesive, binding the reinforcements into
one integrated structure. Manufacturing of these lightweight materials involves two
critical steps, including the impregnation of the fiber reinforcements with a reactive
resin and curing the resin under an elevated temperature. The mishandling of the
composite processing can significantly compromise the mechanical properties and per-
formance of the final composite part. Therefore, the mechanical performance of the
composite structure is not only a function of the fiber and resin properties, but also
influenced by the processing parameters. Currently in industry, the trial-and-error
method is prevailing in the composite processing, but this method is both costly and
time-consuming. It is critical to develop a physics-based processing model to accu-
rately predict the composite properties and performance considering the processing
parameters in the fabrication cycle. In this chapter, the manufacturing-induced vari-
ability is reviewed in Section 1.1. The literature review of the state-of-the-art pro-
cessing models is summarized in Section 1.2. The research objectives and outline of
the thesis are discussed in Section 1.3, and the unique contribution of the this work
is presented in Section 1.4.
1.1 Manufacturing-Induced Variability
The composite processing involves two critical steps, 1) the fibers have to be
fully wetted by the resin; 2) the resin transforms from a liquid state into a solid
state through a cross-linking reaction. In the wetting process, if the resin fails to
impregnate the fiber fabrics, dry spots are observed in the final composite part [10,
1
11], as illustrated in Figure 1.1(a). Meanwhile, for the composites with complex
microstructures, the resin needs to fill both the inter-tow and intra-tow regions. If
the air bubbles cannot be driven out of the fiber preform by the resin flow, voids
will generate inside the composite microstructures [12–15], which is demonstrated in
Figure 1.1(b). The occurrence of the dry spots and voids can influence the modulus
and strengths of the final composite structures [16–20].
(a) Dry spot. (b) Voids in the composite microstruc-
ture.
(c) Warpage of the composite panel. (d) Spring-in of the curved composite
structure.
Figure 1.1: Examples of manufacturing-induced variability in composite processing
[1].
After the infusion process is completed, an elevated temperature is usually ap-
plied on the composite structure to expedite the cross-linking reaction, in which the
resin transforms from a liquid state into a solid state. Because of 1) the mismatch of
thermo-mechanical properties of the fiber and resin, 2) volumetric shrinkage of the
curing resin, residual stresses will develop inside the composite structures [21, 22],
2
causing the unexpected dimensional change of the final composite parts, such as
warpage [2, 23–25] and spring-in [26–29], as illustrated in Figure 1.1(c) and (d), re-
spectively. The spring-in phenomenon refers to the reduction of the enclosed angle of
a curved composite part after cure. Such unexpected dimensional change can cause
additional efforts and costs in the following assembly stage for composite manufac-
turers. In addition, the residual stresses can result in the stress concentration at the
microscale, and the excessive residual stress can cause matrix cracking [30–32], which
significantly reduces the strengths of final composite parts.
1.2 Previous Work
In this section, the literature review on the flow models and curing models de-
veloped in the academia community, as well as the composite processing commercial
simulation tools, is summarized.
1.2.1 Current status of resin flow models
In the infusion process, the resin flow drives away the air occupying inside the
porosity of the fiber fabrics, and the movements of the resin and air phases are
governed by the Navier-Stokes equations. The most straightforward method for pre-
dicting the resin flow movement is to solve the Naiver-Stokes equations in each phase
[33, 34]. In these models, the fiber fabrics are treated as a homogeneous and porous
material, and the momentum equation can be reduced to Darcy’s law. By applying
the appropriate boundary conditions, the velocity, pressure, and temperature fields
of the resin flow can be solved using the Navier-Stokes equations, and the flow front
(resin–air interface) can be determined based on the volume fraction of the resin in
each element. In the infusion process, the resin pore pressure together with the com-
paction pressure applied on the fiber preform balances the external pressure exerted
by the tooling or environment. Because of this pressure equilibrium, the resin flow
and fiber deformation are two-way coupled in the Vacuum Assisted Resin Transfer
Molding (VARTM) process. In VARTM, one side of the fiber preform is covered by
a highly flexible and deformable vacuum bag. As the air inside the vacuum bag is
evacuated first, the fiber fabrics are compacted together by one atmospheric pressure,
and the resin pore pressure together with the fiber compaction pressure balances this
one atmospheric pressure in the entire infusion process. At the very beginning, one
atmospheric pressure is undertaken by the fiber preform alone. After the resin be-
gins to enter the fiber preform, the resin pore pressure increases, and the compaction
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pressure applied on the fiber decreases due to the pressure equilibrium, leading to
the relaxation of the fiber structure along the through-thickness direction. The re-
laxation of the fiber preform in return changes the permeability of the fiber, which
influences the resin flow movement. Therefore, the resin flow model and the fiber
compaction model are two-way coupled, and it is critical to consider this coupling
effect to accurately predict the flow front movement in the VARTM process. Cur-
rently in literature, the flow-compaction coupling has been extensively investigated
only on the fiber preform with simple geometry [35–38]. It is imperative to develop
a modeling capability to achieve two-way coupled flow-compaction simulations for
large-scale composite structures.
1.2.2 Current status of composite curing models
In the curing process, as the resin transforms from a liquid state into a solid
state, the residual stresses will develop inside the composite, causing the cure-induced
deformation. At the current stage, in the literature, the most prevailing method for
predicting the residual stresses is the elastic processing model. Since most of the
residual stresses come from the cooling stage in the cure cycle, the residual stresses and
cure-induced deformation of the laminates with simple geometries can be estimated
using the Classical Laminated Plate Theory (CLPT) [39, 40]. Although the original
version of the CLPT model only considers the contribution from the thermal strain
with the assumption that the temperature distribution inside the laminate is uniform,
adaptions were made by White and Hahn so that the modified CLPT model considers
both the chemical strain and the non-uniform temperature distribution [41]. In their
model, it is assumed that the temperature distribution along the in-plane directions is
uniform, and the temperature gradient along the through-thickness direction is solved
using 1D heat transfer analysis in conjunction with a resin cure kinetics model. Based
on the solved cure progression, the moduli of the composite are updated and included
in the reduced stiffness matrices of each lamina, and the chemical strains are included
in the loading terms of the constitutive law of the CLPT theory. Although the CLPT
model can provide a robust prediction on the residual stresses and the deformation,
its application is limited for composite laminates with simple geometries.
For complex composite structures, the Finite Element Analysis (FEA) has found
it application on prediction of the residual stress by implementing the resin cure ki-
netics model and the cure-dependent constitutive law into the FEA solver. This work
is pioneered by Johnston who developed the “Cure-Hardening Instantaneously Lin-
ear Elastic” (CHILE) model [42]. It is an elastic processing model assuming that the
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resin/composite moduli have a monotonic relation with the cure progression. After
the cure progression is solved through thermal-chemical analysis, the moduli of the
resin/composite are updated, and they are included in the stiffness tensor of an elastic
constitutive law which accommodates the thermal and chemical strains. In spite of
the high computation efficiency and straightforward numerical implementation, the
elastic processing model tends to overestimate the residual stress as it ignores the
stress relaxation of the curing resin in the manufacturing processes [43–45]. In order
to improve the predicting capability, it is necessary to implement the viscoelastic con-
stitutive law into the FEA solver [45, 46], and the differential form of the viscoelastic
constitutive law is more preferable due to its higher computational efficiency [47, 48].
Although the previous viscoelastic processing models have provided invaluable insight
into the viscoelastic response of the curing composite [49–51], most of the models are
focused on the curing response of the neat resin specimens or prepregs. Few models
address on the liquid composite molding processes, such as VARTM or Resin Trans-
fer Molding (RTM), in which the effective relaxation moduli of composite cannot be
directly characterized.
1.2.3 Current status of commercial composite processing software
Besides multiple processing models that have been developed in the academia
community, a few composite processing simulation tools have been commercially
available. Among them, Liquid Injection Molding Simulation (LIMS), COMPRO
and EIS-COMPOSITE are most widely-employed.
LIMS is an infusion simulation tool developed by the University of Delaware to
predict the filling time of the complex composite structures. In LIMS, the resin
flow movement is calculated by solving the Navier-Stokes equations in both the resin
and air phases, and the flow front is determined based on the volume fraction of
the resin in each element (filling factor) [52, 53]. The LIMS is able to offer the
prediction on the filling time of 2D or 3D complex composite structures with relatively
high computational efficiency. However, in LIMS, the fiber preform is treated as a
homogeneous and porous material, and the momentum equation of the resin flow is
reduced to Darcy’s law. Such simplification may not be accurate for the fiber fabrics
with dual-scale porosity, such as textile fiber fabrics [54]. In addition, the permeability
in LIMS is set to be a constant input, which is difficult to simulate and demonstrate
the two-way coupling of the resin flow model and the fiber compaction model in the
VARTM process. At the current stage, LIMS also lacks the capability to be coupled
with the curing model to predict the residual stress development.
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COMPRO is a commercial software extension that can be added to both Abaqus
and ANSYS, and it can predict the resin flow movement, temperature evolution, and
residual stress development using the FEA solvers in Abaqus and ANSYS. In the flow-
compaction model, the resin flow movement is solved using the control volume/finite
element method, and the two-way coupling of the flow and compaction models can be
realized. After the flow simulation, the deformed shape of the fiber preform is mapped
into the next step to determine the temperature and cure progression through a
thermal-chemical analysis. Based on the predicted temperature and cure progression,
the residual stress can be predicted using the CHILE model. At the current stage, the
focus of the COMPRO is on the autoclave process, and the resin flow is solved using
the soiling analysis solver in Abaqus or ANSYS. As a consequence, it is difficult to
simulate the resin filling process of the liquid composite molding (VARTM and RTM)
process using the current version of COMPRO. Since the governing equation of the
residual stress model is an elastic model, COMPRO tends to over-predict the residual
stress, especially for the curing resins demonstrating strong stress relaxation response
in the curing process. Moreover, the users can only select the composite materials,
neat resins, and the tooling materials based on the material library available in the
software, and the users have no access to the input material properties.
PAM-COMPOSITE is a composite processing simulation tool developed by ESI
Group with powerful capabilities. It has three modules: PAM-FORM, PAM-RTM,
and PAM-DISTORTION. PAM-FORM is responsible for predicting the fiber fabrics
deformation and wrinkles in the draping process. The PAM-RTM is capable of pre-
dicting the resin flow movement using computational fluid dynamics (CFD) technique,
and it is able to simulate the two-way coupling between the flow and compaction
model. The residual stresses can be predicted using a simplified thermo-viscoelastic
constitutive law in PAM-DISTORTION [55]. Although PAM-COMPOSITE is able
to simulate the entire fabrication cycle of the liquid composite molding process, the
coupling between PAM-RTM and PAM-DISTORTION is not established, which com-
promises the capability of PAM-COMPOSITE since the residual stresses in the curing
process are dependent on compaction of the fiber preform in the infusion process.
1.3 Research Objectives and Thesis Outline
The purpose of this study is to establish an experimentally-validated integrated
flow-curing processing model to accurately predict the resin flow front movement and
the residual stress development inside composite by simulating the entire manufactur-
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ing cycle. In the infusion process, the fiber preform is treated as a homogeneous and
porous material, and the resin flow front is solved using the Volume of Fluid (VOF)
method in CFD commercial software STAR-CCM+. The two-way coupling between
the flow and compaction models in VARTM process is also considered in the infusion
model. After the infusion simulation is completed, the deformed shape of the fiber
preform, as well as the cure progression and temperature, is mapped into the curing
model in FEA software Abaqus to predict the residual stresses. The temperature and
cure progression are firstly solved in the thermal-chemical analysis using heat trans-
fer solver in Abaqus. Based on solved temperature and cure progression, the residual
stress development is predicted by an anisotropic thermo-viscoelastic constitutive law.
The differential form of the viscoelastic constitutive law is numerically implemented
into Abaqus to improve the computational efficiency. In the curing model, a multi-
scale modeling framework is employed so that the temperature and stress fields at
the global scale can be predicted with considerable computational efficiency, while
the stress field at the microscale can still be captured from the global stress field
through a dehomogenization process using the micromechanics model, which is cru-
cial for predicting the strengths of the manufactured composite parts. Besides the
flow front and the residual stress predictions, the proposed model is also capable of
providing critical material properties that can influence the composite performance,
such as the fiber volume fraction.
This thesis is organized as follows. In Chapter II, the architecture of the textile
composite is introduced firstly. Due to the complicated microstructure of the textile
composite, a multi-scale modeling approach is proposed to conduct the heat transfer
and stress analysis at different hierarchical levels of the composite without compro-
mising the computational efficiency. Simulating the entire composite manufacturing
cycle involves the flow analysis, heat transfer analysis, chemical analysis, and the
stress analysis, and it is necessary to employ a multi-physics modeling framework in
the proposed composite processing model. The multi-scale and multi-physics model-
ing approaches used in this work are discusses. At the end of this chapter, the fiber
and resin properties used in this study are presented. Critical material properties,
such as the resin cure kinetics and thermal expansion coefficients, are characterized
experimentally to provide inputs into the model
The development of the infusion model is presented in Chapter III. The fundamen-
tal physics underlying the resin infusion process, including the governing equations
of the resin and air phases, is firstly discussed. In order to deal with this multi-
phase flow problem, the Volume of Fluid (VOF) method in the Computational Fluid
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Dynamics (CFD) is employed to predict the resin flow front accurately while improv-
ing the computational efficiency. The theory of the VOF method is discussed, and
this method is numerically implemented into the CFD commercial software STAR-
CCM+. In the infusion process, the resin flow model and the fiber compaction model
are two-way coupled. The developed integrated flow model is able to demonstrate and
analyze the two-way coupled flow-compaction model in the VARTM process. Besides
the flow model created in STAR-CCM+, the fiber compaction model is developed in
the commercial FEA software Abaqus, and the mechanical response of the dry fiber
fabrics is characterized experimentally through a compression-relaxation experiment.
The coupling between the flow and compaction models is realized through a C++
script.
The curing model for predicting the residual stress development inside the com-
posite in the curing process is presented in Chapter IV. Since the residual stresses
are mainly induced by the temperature change as well as the volumetric shrinkage
of the resin, it is necessary to establish a multi-physics modeling framework to ac-
commodate both the thermal-chemical analysis and the stress analysis. Due to the
different hierarchical scales of the textile composite, a multi-scale modeling approach
is used to improve the computational efficiency. At the global scale, the composite
is treated as a single and homogeneous material with the effective composite proper-
ties calculated from the fiber and resin properties using the micromechanics model.
On the other hand, the local temperature/stress fields are captured from the global
temperature/stress fields using the micromechanics model through a dehomogeniza-
tion process. In this study, since the overall structural deformation and temperature
field are of interest, only the homogenization process is conducted. In the thermal-
chemical analysis, the global temperature field is solved by coupling the heat transfer
governing equation together with the resin cure kinetics model. In the stress analy-
sis, the effective relaxation moduli of the composite are derived from the fiber elastic
moduli and the resin viscoelastic properties using the micromechanics model and the
correspondence principle of viscoelasticity. The effective composite thermal expan-
sion coefficients and chemical strains are calculated using the micromechanics model
as well. The effective composite properties are included in a 3D anisotropic viscoelas-
tic constitutive law, and the differential form of the constitutive law is numerically
implemented in order to improve the computational efficiency. The accuracy of the
developed curing model is assessed by comparing the predicted the warpage deflection
of an anti-symmetric laminate against the experimental results.
The capabilities of the integrated flow-curing processing model are demonstrated
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through a set of benchmark examples presented in Chapter V. In the first example,
the model is able to predict the position of the flow front when the resin stops moving
if the resin is infused at a relatively high temperature. When the infusion temperature
is too high, the curing process of the resin is expedited, and the viscosity of the resin
grows significantly during the infusion stage. As a consequence, the resin flow will stop
half-way before fully impregnating the entire area of the fiber fabrics. In the second
example, the model is capable of predicting the resin flow front movement and residual
stresses of a textile composite strip manufactured using the VARTM process, which
involves the two-way coupling between the flow and compaction models, and the
predicted the resin flow front as well as the thickness of the composite after cure will
be compared against the experimental results. The model can also predict the resin
flow front and the spring-in angle of an L-shaped composite flange manufactured using
the Resin Transfer Molding (RTM) technique, and it can predict the race-tracking
phenomenon if the dimensions of the fiber fabrics are too small compared with those
of the cavity in the mold, which are demonstrated in Example 3.
1.4 Unique Contribution
The original contribution of this thesis is summarized below.
• Developing an integrate flow-curing processing modeling framework that sim-
ulates the entire fabrication cycle of the liquid composite molding process, in-
cluding the two-way coupling between the flow and compaction models, and the
integration between the flow model and curing model;
• Predicting the resin flow front movement using the VOF method, which has a
relatively high computational efficiency for solving the multi-phase flow prob-
lem;
• Implementing the resin cure kinetics model, and temperature- and cure-dependent
resin viscosity model into the infusion model;
• Developing a multi-scale thermo-viscoelastic processing model that considers
the stress relaxation of the resin in the curing process for accurately predicting
the residual stresses;
• Predicting the effective relaxation moduli of the curing composite using the
correspondence principle of viscoelastcity and the Extended Concentric Cylinder
Assemblage (ECCA) micromechanics model;
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• Developing the differential form of the 3D anisotropic viscoelastic constitutive
law for numerical implementation to improve the computational efficiency;
• Integrating of the infusion and curing model so that the critical material prop-
erties that can influence the performance of the final composite parts can be
predicted using the proposed integrated processing model, such as the fiber
volume fraction.
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CHAPTER II
Material System and Multiscale Modeling
Framework
2.1 Introduction
Compared with unidirectional composites, textile composites have advantages
such as more balanced material properties in the fabric plane and better resistance
against impact and fatigue. As a consequence, textile composites are widely employed
in aerospace structures, wind turbine, and automobile industries. The woven fiber
fabrics refer to bi-axial fiber fabrics in which the longitudinal tows (weft tow) and
the transverse tows (warp tows) are interlaced in an orthogonal angle. The woven
fabrics are commonly mass-produced using Jacquard looms with four critical distinct
motions, including 1) shedding, 2) filling insertion, 3) beat up, 4) warp and fabric
control, to complete one fabrication cycle [56]. Based on the different numbers of the
harness frame, the woven fabrics can have different weave types, and the basic weave
types include plain weave, twill weave and 5-harness satin weave, as illustrated in Fig-
ure 2.1. Each weave type offers distinct combinations of the moduli and strengths,
which are translated into the composite moduli and strengths after the composite
processing. In spite of the multiple advantages, the 2D woven composites have a
few disadvantages, such as poor in-plane and out-plane shear moduli, and they are
vulnerable to the delamination.
This thesis focuses on plain weave composites, which have the simplest microstruc-
ture in 2D woven textile composites. The architecture of the plain weave composites
is introduced in Section 2.2. The literature review on the modeling approach for tex-
tile composites, as well as the multiscale modeling framework employed in this work,
is presented in Section 2.3. The material properties of the constituents (fiber and
resin) are provided in Section 2.4 and Section 2.5, respectively.
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(a) Plain weave. (b) Twill weave. (c) 5-harness satin weave.
Figure 2.1: Basic weave types for 2D woven fiber fabrics.
2.2 Architecture of Plain Weave Textile Composites
The schematic drawing of the fiber reinforcements inside a plain weave textile
composite is illustrated in Figure 2.2. Here, “x” and “y” designate the weft tow
and warp tow directions (in-plane directions), and “z” represents the out-of-plane
direction. For the plain weave fiber fabrics, each weft tow crosses the warp tows by
going over one and then under the next one, and so on. The next weft tow goes over
the warp tows with its neighbor that goes under, and vice versa. Therefore, the fiber
tows in the plain weave fiber fabrics are not flat, and the cross-section of the fiber
tows as well as the undulating path of the fiber tows should be characterized using an
optical microscope and/or Scanning Electron Microscopy (SEM). In this work, the
cross section shapes of the fiber tows are treated as ellipses, and the undulating paths
of the fiber tows are approximated using the sine function with the microstructure
parameters presented in Table 2.1 [3]. Each fiber tow consists of thousands of aligned
individual fibers, as illustrated in Figure 2.2.
Table 2.1: Microstructure parameters for plain weave textile composites [3].
Parameters Values
Weave angle 0/90◦
Amplitude (mm) 0.40
Wavelength (mm) 32.50
Fiber volume fraction of weft Tows (Vf,0◦) 0.70
Fiber volume fraction of warp Tows (Vf,90◦) 0.70
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Figure 2.2: Schematic drawing of the plain weave fiber fabrics [1].
2.3 Modeling Strategies for Textile Composites
Due to the complex microstructures of textile composites, creating a reliable com-
putational model that captures the detailed textile architecture has been a challenge
for researchers. Under the current computational power, it is difficult to construct a
full-scale discrete model for the textile composites. Millions of individual fibers can
be included in a small textile composite structure, and the total element number for
the full-scale discrete model can be enormous. In the manufacturing process, com-
paction pressure is applied on the fiber preform so that multiple plies are consolidated
into one integrated structure. Because of this compaction, the cross section shapes
of the fiber tows are usually distorted [3], and it is difficult to depict the geometries
of the fibers accurately. In addition, due to the complex microstructure, the element
quality at the fiber–resin interface is usually poor, and the computational errors can
easily accumulate during the analysis. In order to overcome this barrier, different
modeling approaches have been developed to analyze the mechanical response of the
textile composites accurately without compromising the computational efficiency, and
the most prevailing modeling strategies include the multi-scale analysis and the mi-
cromechanical analysis.
2.3.1 Multiscale modeling approach
For the heterogeneous materials such as the fiber-reinforced composites, multi-
scale modeling approach is a powerful tool to analyze the overall mechanical response
efficiently without losing the fidelity at the microscale. The key of the multiscale
modeling approach is to create different models that depict the structure features at
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different hierarchical levels (scales) of the composite structure, and a “bridge” that is
used to pass the information needs to be established between the different scales. In
this study, this multiscale modeling approach is used to conduct the heat transfer and
stress analysis in the composite curing process. At the macroscale (global scale), the
composite structure is treated as a single and homogeneous material (homogenized
model), and at the microscale (local scale), a discrete model is created to compute
the temperature/stress field at the fiber–resin level. The micromechanics models are
used to exchange the information between the homogenized model at the macroscale
and the discrete model at the microscale. Based on the composite microstructure,
the effective composite properties of the homogenized model will be computed from
the fiber and resin properties using the micromechanics models (homogenization pro-
cess), and the overall structural deformation and global stress/temperature fields are
solved from the homogenized model. In the meantime, the local temperature/stress
field can be back-calculated from the global temperature/stress field, and this deho-
mogenization process is indispensable for predicting the strengths of the composite
structures. In this thesis, since the overall deformation of the composite at the global
scale is more concerned, only the homogenization process is covered. However, this
multiscale modeling approach can also be used for failure analysis after composite
processing.
2.3.2 Micromechanical analysis
For analyzing the composite materials, the micromechanical analysis is an effective
and efficient tool to exchange information between the microscale and macroscale [57].
At the present stage, multiple analytical micromechanics models have been developed
with an aim to predict the effective moduli of the unidirectional lamina from the
fiber and resin properties, such as Concentric Cylinder Assemblage (CCA) [58], the
Generalized Self-Consistent Method (GSCM) [59], and the Mori-Tanaka theory[60].
Recently, Zhang and Waas extended the CCA and GSCM micromechanics models to
the non-linear region through a novel, two-scale FEA model. In their work, at the
global scale, the unidirectional lamina is homogenized into a transversely isotropic
material, while the CCA and GSCM micromechanics models are implemented at
each integration point of the homogenized model to capture the strain localization
and implement the matrix degradation to compute the reduced stiffness of the com-
posite. This method is also applicable to the progressive damage prediction inside
the laminated composites [61] and the textile composites [62]. Besides their appli-
cations in the stress analysis, the micromechanics models can also be employed to
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predict the thermal properties of a unidirectional lamina [63]. Analytical forms of the
effective density, specific heat and axial thermal conductivity are derived based on
conservation of mass and energy using the CCA micromechanics model [64, 65]. For a
unidirectional lamina, the transverse thermal conductivity can be computed using the
GSCM [66], and the global conductivity tensor of the composite can be calculated by
performing the coordinate transformation on the local thermal conductivity tensors
of each lamina [67].
In the composite curing process, the resin demonstrates strong stress relaxation
effects [46]. As a consequence, the fiber should be treated as a transversely isotropic
elastic material, while the resin should be treated as an isotropic viscoelastic mate-
rial. As a consequence, the elastic micromechanics model mentioned above cannot
be directly applied to calculate the effective composite viscoelastic properties. One
solution is to make use of the correspondence principle of viscoelasticity [68]. First,
the elastic constitutive law of the fiber and the viscoelastic constitutive law of the
resin are transformed from the time domain into the frequency domain so that both
constitutive laws share a “linear elastic” form. In the frequency domain, the elastic
micromechanics model is employed to calculate the effective composite properties in
the frequency domain. After that, the effective composite viscoelastic properties are
transformed back from the frequency domain into the time domain through an Inverse
Laplace Transform (ILT). Although this methodology is straightforward and efficient
in some cases [69–71], the expressions of the effective composite properties in the
frequency domain are usually complicated, and it is difficult to transform them back
into the time domain using either analytical or numerical methods. A more robust
method is to create a Representative Volume Element (RVE) model based on the
composite microstucture. After prescribing the material properties of constituents,
Periodic Boundary Conditions (PBCs) are applied on the RVE model, and the effec-
tive relaxation moduli of the composite can be obtained through virtual mechanical
testing [72]. This method is especially useful for the composites with complicated
microstructure details, such as textile composites [73]. From the energy point of the
view, the effective viscoelastic properties can also be derived though the variational
principles [74, 75], but the calculation is rather complicated, and it is difficult to
obtain the analytical solutions in most cases.
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2.4 Material Properties of Carbon Fiber
In this work, the carbon fibers used in the analysis and experiments are AS4 carbon
fiber (purchased from Fibre Glast), which is widely used in the aerospace industry due
to its high strengths. In the curing process, the carbon fiber reinforcements are not
involved in the chemical reaction. However, because of the temperature change, the
thermal and mechanical properties of the carbon fiber can be temperature-dependent.
In this study, the effect of temperature on the carbon fiber properties is neglected.
The thermal and mechanical properties of the carbon fiber used in this study are
summarized in Table 2.2.
Table 2.2: Thermo-mechanical properties of the AS4 carbon fiber [4, 5].
Symbol Definition Value Unit
ρf Density 1790 kg/m3
Cfp Specific heat 1134 J/(kg · K)
kf1 Axial conductivity 6.83 W/(m · K)
kf2 Transverse conductivity 2.18 W/(m · K)
Ef1 Axial modulus 231 GPa
Ef2 Transverse modulus 15 GPa
νf12 Axial Poisson’s ratio 0.27 -
Gf12 Axial shear modulus 24 GPa
Gf23 Transverse shear modulus 5.01 GPa
αf1 Axial thermal expansion coefficient -9.0 × 10−7 /K
αf2 Transverse thermal expansion coefficient 7.2 × 10−6 /K
2.4.1 Permeability of the carbon fiber fabrics
In the infusion process, the resin occupies the porosity inside the fiber fabrics, and
fiber can be treated as a porous material. The permeability is a material property that
describes the ability of the porous material that transmits fluids. In the literature, the
in-plane permeability of the fiber fabrics is characterized experimentally by applying
a pressure gradient along the opposite sides of the fiber fabrics, and the silicon oil is
commonly used as the infusion fluid since its viscosity is insensitive to the tempera-
ture. The in-plane permeability is proportional to the ratio of pressure gradients and
the liquid flowing speed [76, 77], which can be measured using either visual inspection
or pressure gauges. The characterization of through-thickness permeability is much
more challenging since the through-thickness dimension of the fiber fabrics is usually
much smaller than the dimensions along the other directions. The most prevailing
method is to infuse a thick fiber preform inside a transparent mold. By measuring the
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flow front differences on the top and bottom surface of the fiber preform, the through-
thickness permeability can be calculated from the in-plane permeability through the
geometric relations [78, 79]. In this work, the in-plane permeability of the textile
fiber fabrics is assumed to be 5.0×10−10 m2, and the through-thickness permeability
is assumed to be 5.0×10−11 m2. It should be noted that the fiber permeability is also
sensitive to the fiber deformation, which is discussed in Section 3.5.
2.5 Material Properties of the Resin System
The resin used in this work is EPON 862/W resin system due to its low viscosity
and excellent balance of the mechanical and electric properties, making it a good
candidate for manufacturing aerospace-grade composite structures using the liquid
composite molding technique. Before the infusion and the material characterization
process, the EPON 862 resin (purchased from Hexion Corporation) is fully mixed with
the EPIKURE W curing agent (purchased from Hexion Corporation) at a mass ratio
of 100:26.4, and the resin system is degassed in a vacuum oven for four hours. In the
curing process, the resin system participates in the cross-linking reaction. Therefore,
the thermal and mechanical properties of the curing resin are functions of the cure
progression. In this study, the critical material properties of the curing resin are
either characterized experimentally or obtained from literature.
2.5.1 Cure kinetics model of EPON 862/W resin system
Since the resin properties are cure-dependent, the first priority task is to charac-
terize the resin cure kinetics model so that given the temperature history, the cure
progression of the resin system can be predicted. The resin cure progress is dictated
by Degree of Cure (DOC), φ, as [5],
φ(t) =
H(t)
Hr
(2.1)
where H(t) is the heat generation up to time t, and Hr is the total heat generated
during the entire chemical reaction. The cure kinetics model is often depicted in an
autocatalytic form as,
dφ
dt
=
[
A1 exp
(
−∆E1
RT
)
+ A2 exp
(
−∆E2
RT
)
φm
]
(1− φ)n (2.2)
where ∆E1 and ∆E2 are the activation energy terms, R is the universal gas constant,
and A1, A2, m, and n are the cure kinetics parameters. The cure kinetics param-
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eters in Eq. (2.2) can be determined through Raman Scattering by monitoring the
amount of chemical bonds formed during the curing process [80–82]. Alternatively,
the progress of the exothermic curing can be determined using a Differential Scanning
Calorimeter (DSC) by measuring the heating generation of a curing sample. The resin
cure kinetics model is usually characterized by performing isothermal curing exper-
iments so that the temperature-dependent term can be decoupled from other terms
in the cure kinetics equation [83–86].
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Figure 2.3: Characterization of the cure kinetics of the EPON 862/W resin system.
In this study, the cure kinetics of the EPON 862/W epoxy-hardener system was
characterized through isothermal scanning using a Q-20 DSC from TA Instruments.
Isothermal DSC curing was performed at six different temperatures. The temperature
ramp rate was 200 ◦C/min so that it took only a few seconds for the furnace tempera-
ture inside the DSC to elevate from the room temperature to the target temperature.
The heat flow generated by the resin in the cross-linking reaction was recorded by
the DSC machine. Figure 2.3(a) shows the heat flow normalized by the sample mass
in the time domain. The heat generation by time t is the area under the heat flow
curve from t = 0 to time t, and Hr is the total area under the heat flow curve from
time t = 0 to the end of test. Based on the definition of the DOC in Eq. (2.1), the
DOC evolution in each isothermal test can be obtained, as shown in Figure 2.3(b).
By performing curve fitting on these experimental data using the general autocat-
alytic form of the cure kinetics equation (Eq. (2.2)), the cure kinetics parameters can
be determined, as summarized in Table 2.3. The characterized cure kinetics model
agrees with the model characterized by O’Brien [8].
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Table 2.3: Parameters used in the cure kinetics model of the EPON 862/W system.
Cure kinetics parameters Characterized value Value from literature [8]
A1 (s
−1) 0 0
∆E1 (J) - -
A2(s
−1) 7098 6488
∆E2 (J) 5.50× 104 5.30× 104
m 0.40 0.39
n 1.65 1.67
Hr (J/g) 406.12 399.00
2.5.2 Thermal properties of the resin system
In the curing process, the thermal properties of the resin system should be both
temperature- and cure-dependent. In this study, the temperature-dependency and the
cure-dependency of the thermal properties are neglected, and the thermal properties
of the resin used in this study are summarized in Table 2.4.
Table 2.4: Thermo-mechanical properties of the EPON 862/W resin system [4, 6].
Symbol Definition Value Unit
ρm Density 1300 kg/m3
Cmp Specific heat 1219 J/(kg · K)
km Thermal conductivity 0.148 W/(m · K)
αm (above Tg) CTE above Tg 1.85 × 10−4 1/K
αm (below Tg) CTE below Tg 7.78 × 10−5 1/K
vTsh Total volumetric shrinkage (percentage) -3.72% -
2.5.3 Viscosity model of the resin system
Viscosity is one of the most critical material properties that influences the resin
flow movement, and a larger viscosity indicates that the resin is more difficult to
flow driven by the pressure gradient. Like other common liquid, the resin viscosity
drops as the temperature increases. However, if the temperature is too high, the
curing of the resin will be expedited, and the resin viscosity grows significantly as the
resin transforms from a liquid state into a solid state. Therefore, the resin viscosity
should be a function of both temperature and DOC. The viscosity of the EPON
862/W used in this work follows the model characterized by Shanku et. al in Ref.
[7]. In their work, the viscosity of the EPON 862/W resin system is characterized
under the different combinations of temperature and DOC using a rheometer, and
the characterized viscosity is correlated to the temperature and DOC as [7],
µ(T, φ) = µ∞ exp(
U
RT
+ k1φ+ k2φ
2) (2.3)
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where µ is the resin viscosity, U is the activation energy in the viscosity model, R is
the universal gas constant, and µ∞, k1, and k2 are material constants. The material
constants of the viscosity model used in this work are summarized in Table 2.5 [7].
Table 2.5: Material properties used in the viscosity model of the EPON 862/W resin
system [7].
Symbol Definition Value Unit
µ∞ Material constant 7.7 ×10−5 Pa·s
U Activation energy 25169 J
k1 Material constant 4.47 -
k2 Material constant 13.58 -
2.5.4 Relaxation moduli of a curing resin after gelation
The temperature- and cure-dependent relaxation moduli of the curing resin used
in this thesis were characterized by O’Brien in Ref [6]. In his work, the shear relax-
ation moduli of the curing resin after the gel point were characterized using both the
rheometer and Dynamic Mechanical Analyzer (DMA). Since an epoxy resin is con-
sidered as a thermorheologically simple material, the time-temperature superposition
principle can be applied [46, 50]. In Ref [6], the shear relaxation moduli of the resin
was characterized under different DOCs at the reference temperature 30◦C (master
curve), and it can be correlated to the DOC using the generalized Maxwell model.
Because of the time-temperature superposition principle, the shear relaxation modu-
lus of the curing resin at any other temperatures can be predicted from the master
curve using a cure-dependent temperature shift factor (αT ). Therefore, the shear
relaxation modulus of the curing resin under different combinations of temperature
and DOC can be expressed as [6],
Gmr (t, φ, T ) = G
m
∞(φ) +
N∑
k=1
Gmk (φ) exp(−
t
τmo,k(φ) · αT (φ, T )
) (2.4)
where Gm∞ represents the unrelaxed part, and G
m
k and τ
m
o,k are the stiffness coefficient
and relaxation time of the kth Maxwell element at the reference temperature, respec-
tively. The cure-dependent value of the coefficients in Eq. (2.4) can be found in Ref
[6].
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2.5.5 Thermal expansion coefficients and cure shrinkage of the resin sys-
tem
The thermal strain and chemical strain are major contributing factors to the resid-
ual stresses. Thermal strain is related to the temperature change and the thermal
expansion coefficients, while the chemical strain is caused by the volumetric shrink-
age of the neat resin. Therefore, it is crucial to determine the thermal expansion
coefficient and the volumetric shrinkage of the neat resin. In this study, the ther-
mal expansion coefficient of fully-cured resin specimens was characterized using a
Thermo-Mechanical Analyzer (TMA), as most of residual stresses accumulate inside
the composite in the cooling stage, in which the resin usually reaches a fully-cured
state. After degassing, the resin was added to DSC pans (purchased from TA In-
struments), and the resin specimens were cured inside a vacuum oven at 170 ◦C for
two hours. After that, the DSC pans were peel off, and the specimens were sent
to a Q-20 TMA to measure the thermal expansion coefficient. For a polymer, the
thermal expansion coefficients can be different in the heating and cooling stage [87],
and only the the thermal expansion coefficients in the cooling stage are more con-
cerned. Therefore, the temperature inside the furnace first increased to 200◦C, and
then dropped to the room temperature at a rate of 2◦C/min. An expansion probe
inside the furnace recorded the dimensional change of the resin specimens, and the
temperature inside the furnace was measured using a thermocouple. The measured
strains and temperatures are presented in Figure 2.4.
Figure 2.4: The correlation of the thermal strains and temperature in the cooling
stage characterized using TMA.
It is obvious that the thermal strain in Figure 2.4 shows a bi-linear relation with
the temperature, and the transition point is the glass transition temperature [88] of
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the fully-cured resin in the cooling stage. The slope of the thermal strain and the
temperature is the measured thermal expansion coefficient. Based on the experimen-
tal results, the thermal expansion coefficient when the resin temperature is above the
glass transition temperature (rubbery state) is 1.85×10−4/◦C, and when the temper-
ature is below the glass transition (glassy state), the thermal expansion coefficient is
7.78×10−5/◦C. In this study, the total volumetric shrinkage of the resin is taken from
the literature [4]. The resin thermal expansion coefficients and the total volumetric
shrinkage used in this work are summarized in Table 2.4.
2.5.6 Glass transition temperature of the resin system
In the curing stage, the resin experiences the temperature change, and the glass
transition temperature of the curing resin grows monotonically with the cure pro-
gression. It is critical to characterize the cure-dependent glass transition temperature
since the thermal and mechanical properties of the resin change abruptly as the curing
temperature is across the resin glass transition temperature. For a curing resin, the
cure-dependent glass transition temperature can be predicted using the DiBenedetto
equation [89] as,
Tg(φ)− T og
T∞g − T og
=
λφ
1− (1− λ)φ (2.5)
where Tg(φ) is the cure-dependent glass transition temperature, T
o
g and T
∞
g are the
glass transition temperatures of the uncured and fully-cured resin, respectively, φ is
the DOC, and λ is a fitting parameter. For EPON 862/W resin system, the parame-
ters in the DeBenedetto model have been characterized by O’Brien by correlating the
characterized glass transition temperatures of the resin specimens at different stages
of the cure progression to the DOC, and the parameters are summarized in Table 2.6.
Table 2.6: Parameters used in the DiBenedetto equation [8].
Symbol Definition Value Unit
T 0g Glass transition temperature of uncured resin -27.1
◦C
T∞g Glass transition temperature of fully-cured resin 110
◦C
λ Fitting parameter 0.392 -
2.6 Conclusion
In this chapter, the architecture of the plain weave textile composites is discussed.
Due to its complicated microstructure and different hierarchical levels, creating a reli-
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able model to analyze the mechanical response of the textile composites is challenging,
and in this work, a multiscale modeling framework together with the micromechanics
models is employed. The literature review on the multiscale modeling approach and
the micromechanics models is presented. At the end of the chapter, the material prop-
erties of the carbon fiber and curing resin are discussed. The carbon fiber material
properties, the resin thermal properties, the resin viscosity model, the resin relax-
ation modulus, the resin total volumetric shrinkage, as well as the cure-dependent
resin glass transition temperature are obtained from literature, while the resin cure
kinetics model and the thermal expansion coefficients of the fully-cured resin are
experimentally characterized using DSC and TMA, respectively.
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CHAPTER III
Modeling of the Resin Infusion Process
3.1 Introduction
In the composite processing, one critical step is to ensure that the fiber reinforce-
ments are fully wetted by the resin. Otherwise, the dry spots can occur on the final
composite part, which may degrade the mechanical performance of the structure.
However, in the composite manufacturing, except for a few cases such as the VARTM
process, the composite is accommodated inside a non-transparent mold, and it is dif-
ficult to observe the flow front movement directly. Therefore, it is critical to develop
a physics-based flow model to accurately predict the resin flow movement.
In this chapter, the fundamentals of the resin infusion process are introduced in
Section 3.2. In order to solve this multiphase flow problem, the VOF method is
employed to solve the resin flow movement, which is applicable to fiber preforms with
complex geometries. The infusion model is numerically implemented into the CFD
software STAR-CCM+ using the VOF model package, as demonstrated in Section 3.4.
For the VARTM application, a two-way coupled flow-compaction model is created
to analyze the interaction between the resin flow and fiber deformation, which is
discussed in Section 3.5.
3.2 Fundamentals of Resin Infusion Process
In the infusion process of the liquid composite molding application, the dry fiber
preform is enclosed by a mold. After the resin is mixed with the curing agent, the
mixture is infused into the fiber fabrics driven by the pressure gradient through spec-
ifying the pressure or flow rate at the infusion gate. In the infusion process, the resin
begins to occupy the porosity inside the fiber preform, while the air is drive out by
the resin flow. After the infusion process is completed, the fiber preform is heated to
24
an elevated temperature, and the resin inside the fiber preform consolidates, binding
the fiber reinforcements into one integrated composite structure.
In the resin infusion process, the fiber can be treated as a homogeneous and porous
material, and both the resin phase and air phase are governed by the Navier-Stokes
equations as [90, 91],
∂ρ
∂t
+∇ · (ρu) = 0
∂
∂t
(ρu) +∇ · (ρu ⊗ u) = −∇p+∇ · τ + ρg
∂(ρe)
∂t
+∇ · (ρeu) = −p∇ · u +∇ · (k∇T ) + Se
(3.1)
where ρ is the fluid density, t is the time, u is the velocity vector, p is the pressure, τ
is the shear stress, g is the gravitational acceleration vector, e is the internal energy,
k is the thermal conductivity, and Se is the internal heat generation team. Due to the
nonlinear nature of the Navier-Stokes equations, it is difficult to solve the analytical
solution of the flow front movement without reducing the momentum equation in the
Navier-Stokes equations into the Darcy’s law [92, 93], and simplifying the geometries
of the fiber preforms [94, 95]. However, in real applications, the manufactured com-
posite parts usually have complex geometries, and the resin flow needs to be solved
numerically. Currently, solving the Navier-Stokes equations in both the resin and air
phases [33] can be computationally expensive. In addition, at the resin–air interface,
a continuity equation needs to be enforced in order to ensure that the porosity inside
the fiber preform should be only occupied by either the resin or the air.
In this study, the VOF method that is applicable for solving the multiphase flow
problem is introduced to predict the resin flow movement. Compared with the con-
ventional method, the VOF method can compute the resin flow front more efficiently
without tracking any complicated interfaces. In addition, in the computation pro-
cess, the VOF method solves fewer governing equations, and the continuity equation
always satisfies in the VOF method. The VOF method is introduced in Section 3.3.
3.3 Modeling Resin Flow Reponse Using the VOF Method
The VOF method is first proposed to track the interface in the multiphase flow
problem [96]. Instead of solving the Navier-Stokes equations in each phase, the key
to the VOF method is to treat the resin–air mixture as a homogenized liquid, and
the material properties of the homogenized liquid are computed based on the resin
and air properties, as well as the volume fraction of the resin (Sl) and air (Sa) in each
25
element as,
ρ = ρlSl + ρa(1− Sl)
µ = µlSl + µa(1− Sl)
Cp =
Cp,lρl
ρ
Sl +
Cp,aρa
ρ
(1− Sl)
(3.2)
where ρl and ρa are resin and air density, µl and µa are resin and air viscosity, and
Cp,l and Cp,a are the resin and air specific heat, respectively. The effective properties
calculated from Eq. (3.2) are then included in the Navier-Stokes equations (Eq.
(3.1)) to solve the velocity, pressure, and temperature fields of the homogenized fluid.
Meanwhile, a tracking equation is introduced to identify the resin–air interface as
[96],
∂
∂t
∫
SldV +
∮
Slu · dA =
∫
−Sl
ρl
Dρl
Dt
dV −
∫
1
ρl
∇ · (Slρlud,l)dV (3.3)
where ud,l is the diffusion speed of the resin phase. Based on the volume fraction
of the resin solved in Eq. (3.3), the flow front can be identified, and the velocity,
pressure and temperature fields in each phase can be calculated from the “effective”
fields of the homogenized fluid through a dehomogenization process. Compared with
the common method, the VOF method is more computationally efficient as it has
no need to track the complicated resin–air interface, and it solves fewer governing
equations (only four equations in two-phase flow problems).
3.4 Numerical Implementation of the VOF Method
In this study, the infusion model based on the VOF method is numerically im-
plemented into commercial CFD software STAR-CCM+, which is well-recognized for
multiphase applications [97, 98]. In addition, the material properties in STAR-CCM+
can be specified as a field function of time or space rather than a constant, which
is rather useful for processing model implementation. After creating the geometry
model (flow domain) for the fiber perform, the VOF model package is selected in
STAR-CCM+. For the flow domain, the fiber preform is treated as a homogeneous
and porous domain, so the flow domain is defined as the porous material. The fiber
properties including the porosity and permeability are defined. At the inlet gate, the
pressure or the flow rate is specified based on the applications. At the outlet, the
pressure outlet boundary condition is used, and the static pressure is set to be zero.
For the other boundaries of the flow domain, wall boundary conditions (no-slip) are
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prescribed since the the fiber preform as well as the resin flow is surrounded by either
the mold or the vacuum bag.
Table 3.1: Flow-thermal properties of the air [9].
Symbol Definition Value Unit
ρa Density 1.23 kg/m3
µa Viscosity 1.78× 10−5 Pa · s
Cap Specific heat 1.0 × 103 J/(kg · K)
ka Conductivity 0.025 W/(m · K)
In the VOF model, the two phases participating in the infusion process are the
air phase and the resin phase. For the air phase, the air density, viscosity, specific
heat, and thermal conductivity are specified, and the value of the air properties used
in this study is summarized in Table 3.1 [9]. For the other phase, the resin, the
density, specific heat and thermal conductivity are specified in Table 2.4. In the
infusion process, in order to expedite the resin flow movement, the mold and resin
are preheated. Since before the infusion, the resin is mixed with the curing agent,
the cross-linking reaction of the resin can be activated, and the resin cure kinetics
model needs to be implemented into the infusion model. In this study, the resin cure
kinetics model (Eq. (2.2)) is numerically implemented into STAR-CCM+ by defining
the DOC as a field function, and at each time increment, it is updated based on the
current time and time step using the forward Euler’s method as,
φt+∆t = φt + ∆t
[
A1 exp
(
−∆E1
RT
)
+ A2 exp
(
−∆E2
RT
)
φt
m
]
(1− φt)n (3.4)
where φt+∆t is the DOC at this time increment, φt is the DOC from the previous time
increment, and ∆t is the time increment. Since the resin viscosity is a function of
both temperature and DOC, the viscosity of resin is defined as a field function, and it
is updated at each time increment based on the temperature solved from the energy
equation and the DOC predicted using the resin cure kinetics model (Eq. (2.3)). At
the resin–air interface, the surface tension is applied, and at the current stage, the
default value (0.0072 N/m) in STAR-CCM+ is used.
The resin flow movement is solved using the unsteady implicit solver in STAR-
CCM+. The time step used in the infusion simulation is 0.01 seconds, and at each
time increment, 200 iterations are used to ensure that the residuals are smaller than
10−6 in each time increment. In the infusion simulation, STAR-CCM+ is able to
output the resin volume fraction, the pressure distribution, temperature distribution,
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and the resin velocity at a fixed frequency specified by the users.
3.5 Two-Way Coupled Flow-Compaction Model
3.5.1 Fundamentals of two-way coupled flow-compaction model
In the infusion process, the resin pore pressure together with compaction pressure
applied on the fiber preform balances the external pressure exerted by the tooling or
the atmosphere. In the VARTM process, one side of the fiber preform is covered by a
deformable and flexible vacuum bag, and the resin pore pressure and the compaction
pressure balance the atmospheric pressure applied on the vacuum bag. Before the
infusion process, the fiber preform alone undertakes the atmospheric pressure, and
the fiber preform is compressed along the through-thickness direction. As the resin
begins to wet the fiber preform, the resin pore pressure increases, and the compaction
pressure applied on the preform drops, causing the relaxation of the fiber preform.
The deformation of the fiber preform in return changes the permeability of the fiber
perform, which is a critical term in the momentum equation of the resin flow. As
a consequence, the resin flow model and the fiber compaction model are two-way
coupled in the VARTM process, and it is challenging to predict the resin flow front
accurately without considering the deformation of the fiber preform.
In the literature, this two-way coupling simulation has been realized for the fiber
preform with simple geometries using the codes developed by authors [35, 36, 38].
In their work, at each time increment, based on the resin volume fraction, the pore
pressure is updated, and the compaction pressure applied on the fiber is calculated
from the pressure equilibrium. The deformation of the fiber preform is computed
based on a power law as [99],
Pc = P
0
c V
n
f (3.5)
where Vf is the fiber volume fraction, and P
0
c and n are the fitting parameters in
the compaction model. Based on the predicted fiber deformation, the permeability
of the fiber structure is updated, which can be captured by Kozeny-Carman equation
as [36],
K = K∞
(1− Vf )3
V 2f
(3.6)
where K is the permeability of the fiber fabrics, and K∞ is a material constant. The
updated permeability will be used in the next time increment for the flow analysis
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to determine the resin flow movement. In this study, a generalized two-way coupled
flow-compaction model using STAR-CCM+ and Abaqus is developed to capture and
analyze the resin flow movement and fiber deformation in the VARTM process, which
has no limitation on the dimensions or geometries of the fiber preform.
3.5.2 Fiber compaction model
In the flow-compaction model, the resin flow model is created in STAR-CCM+.
However, in the CFD analysis, it is rather difficult to update the geometry of the
flow domain (compaction model) unless conducting the fluid-structure interaction
analysis. In this study, the fiber compaction model is created in the FEA commercial
software Abaqus because of the co-simulation capabilities between STAR-CCM+ and
Abaqus [100, 101].
Table 3.2: Fiber fabrics properties used in the compaction model.
Symbol Definition Value Unit
Ex Tensile modulus 68.15 GPa
Ey Tensile modulus 68.15 GPa
Gyz Shear modulus 0.2 GPa
Gxz Shear modulus 0.2 GPa
Gxy Shear modulus 1.0 GPa
Before creating a finite element model for the fiber preform, it is important to
develop a constitutive law for the dry fiber fabrics first. It is assumed that during
the compaction, the in-plane dimensions of the fiber fabrics do not change (decouple
between in-plane and out-of-plane response). In addition, the in-plane response is
assumed to be elastic with a relatively large modulus, while the in-plane and out-of-
plane shear moduli are relatively small since the fiber fabrics are more easily deformed
along the shear direction. The elastic properties used in this study are summarized
in Table 3.2, and the coordinate of the fiber fabrics is consistent with that defined
in Figure 2.2. Please note that only the through-thickness response matters in this
study since the fiber fabrics do not experience in-plane or shear deformation in the
infusion process.
In order to understand the through-thickness compressive response of the dry
fiber fabrics, a compression-relaxation experiments were performed using an Instron
5869 load frame. In the experiments, three batches of the dry fiber fabric specimens
were prepared, and each batch of the specimens consists of 16-plies perfectly-aligned
3K plain weave fiber fabrics with a dimension of 6”×6”. At the beginning of the
experiment, two parallel disks controlled by the load frame were fully contacted, and
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Figure 3.1: Experimental setup for fiber compression-relaxation experiments.
the extension recorded by the load frame was zeroed so that the extension recorded by
the load frame was the gap distance between the two disks. Then, the two disks was
separated, and the fiber fabrics specimens were placed at the center of the bottom disk.
The compression starts from the gap distance of 7.8 mm, in which the gap between
the top disk and the top layer of the fiber fabrics could be visualized to ensure that
the fiber fabrics were not pre-compressed. The fiber fabrics were compressively loaded
at a rate of 1 mm/min until the gap distance reached 3.34 mm, and the gap distance
was then held constant to check any relaxation behavior after the compression. The
compressive stress was calculated by the ratio of the total load recorded by the load
frame and the area of the parallel disks. The compressive stresses applied on the
different batches of fiber fabrics specimens are shown in Figure 3.2(a). It is obvious
that the after the compression is completed, the compressive stresses are partially
relaxed, and the through-thickness compressive response of the dry fiber fabrics is
viscoelastic.
Based on the measured compressive stresses shown in Figure 3.2(a), the average
compressive stress is computed, and its correlation with the gap distance is illustrated
in Figure 3.2(b). From this plot, the thickness of the fiber fabrics (uncompressed
state) is determined to be 5.29 mm. Before the gap distance reaches this value,
the load frame is compressing against nothing, and the load recorded by the load
frame is full of the noise. When the gap distance is smaller than this value, the
compressive stress has a monotonic relation with gap distance. Meanwhile, since the
stress relaxation behavior disappear in less than 10 seconds, in order to simplify the
model, an elastic correlation between the final steady compressive (0.23 MPa) stress
and the gap distance is established. By curve fitting the experimental results, it is
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(a) Compression stress history. (b) Correlation between compression stress
and gap distance.
Figure 3.2: The experimental results of the compression relaxation experiments.
clear that compressive stress has a power relation with the fiber fabrics thickness
(fiber volume fraction), which agrees with the literature review (Eq. (3.5)).
The experimentally-characterized constitutive law is numerically implemented into
the user-defined material subroutine UMAT in FEA software Abaqus. An elastic
constitutive law is implemented into Abaqus UMAT as,
σxx
σyy
σzz
σyz
σxz
σxy

=

Cxx Cxy 0 0 0 0
Cxy Cyy 0 0 0 0
0 0 4.581.95zz 0 0 0
0 0 0 Cyz 0 0
0 0 0 0 Cxz 0
0 0 0 0 0 Cxy


xx
yy
zz
yz
xz
xy

(3.7)
where Cxx, Cxy, Cyy, Cyz, Cxz, and Cxy are entries in the stiffness tensor calculated
from Table 3.2. Note Cxz and Cyz are defined as zero to decouple the mechanical
response of the dry fiber fabrics along the in-plane and out-of-plane directions. The
strains in Eq. (3.7) are the engineering strains calculated from the fiber thickness
change (gap distance). After implementing the constitutive law into Abaqus UMAT,
a virtual compression experiment was performed on an FEA model created in Abaqus,
the fiber preform was compressed from 5.29 mm to 3.34 mm. The simulation result
is shown in Figure 3.3, which satisfies the expectations.
3.5.3 Integration of the flow and compaction models
The flow chart of the two-way coupled flow-compaction model is demonstrated in
Figure 4.1. At each time increment, the fiber local permeability is firstly computed
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Figure 3.3: Simulation results of the virtual compression tests.
based on the local thickness (fiber volume fraction) using the Carman-Kozeny equa-
tion (Eq. (3.6)). Subsequently, based on the current local temperature, the DOC
of the resin is updated using the cure kinetics model (Eq. (2.2)). According to the
temperature and DOC, the resin viscosity is computed using the resin viscosity model
(Eq. (2.3)). The updated resin viscosity is included in the Navier-Stokes equations to
solve the resin flow front. Based on the volume fraction of the resin in each element,
the pore pressure is computed and passed into the fiber compaction model, in which
the compaction pressure is calculated based on the pressure equilibrium. Based on
the compaction pressure, the deformation of the fiber preform is predicted according
to the power law (Eq. (3.5)), and the deformed shape of the fiber preform is mapped
back into the flow model to conduct the flow analysis in the next time increment.
Update DOC using cure 
kinetics model
Update cure-dependent 
viscosity
Solve the liquid 
pressure and saturation 
using Navier-Stokes 
equations
Calculate the 
compaction pressure 
through pressure 
equilibrium
Compute the fiber 
volume fraction 
𝑉𝑓 = 𝑉𝑓,0𝑃𝑐
𝑛
Update the permeability 
of the fiber given the 
fiber volume fraction 
𝑘𝑓 = 𝑘∞
(1 − 𝑉𝑓)3
𝑉𝑓
2
Flow Model Compaction Model
Figure 3.4: The flow chart of the two-way coupled flow compaction model.
Several modifications are added to the flow model for the two-way coupling capa-
bilities between the flow and compaction models. The correlation between the (local)
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fiber volume fraction and the (local) thickness of the fiber volume fraction is estab-
lished based on the spring-in example demonstrated in Chapter V. The same type of
the fiber fabrics and the resin system was used to manufacture an L-shaped composite
flange. The composite thickness was measured to be 3.34 mm, and the fiber volume
fraction was characterized to be 59% using a Thermo-Gravimetric Analyzer (TGA).
Assuming that the fiber loss in the compaction process is negligible, the fiber volume
fraction should be inversely-proportional to the fiber preform. In STAR-CCM+, the
(local) fiber volume fraction is defined as a field function, and it is updated based
on the dimensions of the fiber preform along the through-thickness direction. Mean-
while, the fiber permeability is changed from a constant to a field function, and it is
defined based on the fiber volume fraction using the Carman-Kozeny equation (Eq.
(3.6)) (k∞ = 1.08 × 10−8 m2 is used in this study).
The pore pressure in the flow model should be calculated as well so that the
compaction pressure in the FEA model can be calculated based on the pressure equi-
librium. It is assumed that the pore pressure has a proportional relation with the
volume fraction of the resin. When the volume fraction of the resin reaches unity
(fully-saturated), the pore pressure reaches the maximum. When the resin volume
fraction is zero, the pore pressure is zero as well. The fully-saturated resin pore pres-
sure can be analytically solved. Combining the mass and momentum equations in
Navier-Stokes equation, the governing equation of the fully-saturated resin becomes,
∇ · (K
µl
∇Pl) = 0 (3.8)
where K is the permeability tensor of the fiber preform, and Pl is the liquid pore
pressure. It can be proved that the liquid pore pressure (fully-saturated conditions)
should either be a constant, or have a linear proportional relation with the space. In
physics, considering the friction as the resin flows past fiber preform on the mold,
the pore pressure should decrease linearly with the traveling distance. However,
in this study, a constant value is used considering the dimensions of the specimens
manufactured in Chapter V. Considering both the pore pressure of the fully-saturated
resin flow, as well as the local volume fraction of the resin, the pore pressure in the flow
model is defined as the product of resin local volume fraction and the inlet pressure.
A C++ code is written to integrate the flow model created in STAR-CCM+ and
the compaction model created in Abaqus, and this work is contributed by Dr. Ren
from Global Engineering and Materials, Inc. (GEM) [102]. Since the meshes in the
flow and compaction models are not necessarily identical, one of the purpose of the
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C++ code is to provide the mapping algorithm to map the field variables between the
flow and compaction models. In this code, the mapping function is developed based on
the Kd-tree approach, which can effectively and efficiently find the adjacent vertexes
of one mesh given a point in another mesh in O(n) complexity, and the variable located
at the given point is interpolated through the adjacent vertexes [102]. After the C++
code collects the mesh information from the STAR-CCM+ and Abaqus, it generates
a user function to collect the field variables (resin pore pressure etc.) in the infusion
model, and pass them from STAR-CCM+ into Abaqus efficiently. Abaqus receives
the the pore pressure and calculate the compaction pressure through user-defined
functions, and the Abaqus solver is activated to compute the fiber deformation. At the
end of the time increment, the code is responsible for mapping the nodal displacement
from the compaction model back to the flow model.
Figure 3.5: Mapping between STAR-CCM+ and Abaqus.
3.6 Conclusions
In this chapter, a physics-based infusion model is developed to predict the resin
flow movement in the composite infusion process. During the infusion process, the
resin and air phases are governed by the Navier-Stokes equations. Since the infusion
involves multiphase flow, the VOF method is employed to solve the infusion problem.
The key of the VOF method is to treat the fiber–air mixture as a homogenized
fluid, and the effective fluid properties are calculated based on the resin and air
properties. A tracking function is used to distinguish the interface between the resin
and air phases. Compared with the conventional method of solving the Navier-Stokes
equations in each phase, the VOF is much more computationally efficient as it does not
need to solve the complicated resin–air interface. The infusion model is numerically
implemented into the CFD software STAR-CCM+ to capture the resin flow front in
the infusion process.
During the infusion, the resin pore pressure and the compaction pressure applied
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on the fiber preform together balance the external pressure exerted by the tooling
or external environment. In the VARTM process, the pore pressure together with
the compaction pressure balances the 1 atmospheric pressure. When the resin flow
advances, the local pore pressure changes, and the compaction pressure adjusts ac-
cording. The change of the compaction pressure leads to the deformation of the fiber
preform, and the fiber deformation in return changes the fiber permeability. There-
fore, the flow and compaction models are two-way coupled in the VARTM applica-
tion. In this study, a two-way coupled flow-compaction model is developed. The fiber
compaction model is created in FEA software Abaqus based on the the mechanical
response of the dry fiber fabrics along the through-thickness direction characterized
in the compression-relaxation experiments. The two-way coupling between the flow
model in STAR-CCM+ and compaction model in Abaqus is automated through a
C++ code that is responsible for mapping and transferring the field variable between
the software in each time increment.
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CHAPTER IV
Modeling of the Curing Process
4.1 Introduction
In the curing process in which the resin transforms from a liquid state into a
solid state, the residual stresses accumulate inside the composite structure because
of the mismatch of the thermo-mechanical properties of the fiber and resin (thermal
strain) as well as the volumetric shrinkage of the curing resin (chemical strain). Since
the thermal strain and chemical strain are major contributing factors to the residual
stresses, and they are dependent on the curing temperature and cure progression, it
is necessary to create a multi-physics modeling framework to solve the temperature
and DOC first before predicting the residual stress increment. Meanwhile, multiple
processing models have been proposed to describe the mechanical response of the neat
resin. Among them, the most prevailing method is the CHILE model [42] in which
the resin modulus is assumed to have a monotonic relation with the DOC, and the
cure-dependent resin modulus is included in a stiffness tensor of an elastic constitu-
tive law which accommodates the thermal and chemical strains. Besides the CHILE
model, a network forming model is developed to derive and describe the “in-situ”
mechanical response of the curing resin by assuming the “connections” between the
monomers keep forming in the curing process, and the mechanical response of the
individual network is back-calculated from the overall response of the all networks
characterized using the Brillouin Light Scattering (BLS) technique [5]. This model is
also extended to describe the mechanical degradation of the resin by implementing
the inelastic (damage) model to the network forming model. The previous models
have provided invaluable insights on the mechanical response of the curing resin as
the cure progression advances. As it is difficult to create a full-scale discrete model to
analyze the mechanical response of the curing composite under the current computa-
tional power, it is essential to employ the multi-scale modeling approach to efficiently
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compute the overall structural response of the curing composite from the mechanical
response of the fiber and curing resin, while the local stress field can still be back-
calculated from the global stress field, which is essential for predicting the strengths
of the composite structure.
In this study, an experimentally-validated multi-scale thermo-viscoelastic curing
model is developed to describe the mechanical response of textile composites in the
curing process. It employs a multi-physics modeling framework, which accommo-
dates the heat transfer analysis and stress analysis, and the physics and the govern-
ing equations used in the heat transfer and stress analysis are introduced in Section
4.2. A multi-scale modeling approach is introduced in Section 4.3. In this section,
the viscoelastic response of the curing resin is first presented. Based on the thermal
and mechanical properties of the fiber and resin, the effective properties of the cur-
ing composite are derived and computed using the micromechanics model and the
correspondence principle of viscoelasticity (homogenization). The accuracy of the
homogenization scheme is assessed by comparing the characterized relaxation moduli
of the unidirectional composites against the predicted results. The homogenized ef-
fective composite properties are included in a 3D anisotropic viscoelastic constitutive
law, and the differential form of the constitutive law is derived and numerically im-
plemented into the FEA software Abaqus to improve the computational efficiency of
the model. The accuracy of the proposed model is validated through comparing the
predicted warpage deflection of an anti-symmetric laminate against the experimental
results, as illustrated in Section 4.4.
4.2 Multi-Physics Modeling Framework
As the thermal and chemical strains are major contributors to the residual stresses,
and they are dependent on temperature and DOC evolution, it is necessary to de-
velop a multi-physics processing modeling framework to accurately predict the resid-
ual stress development, as demonstrated in Figure 4.1. The first step in the curing
model is to conduct the thermal-chemical analysis to predict the temperature and
DOC fields solved from the heat transfer governing equation. Based on the solved
temperature and DOC fields, the thermal and chemical strains are determined, and
they are included in a cure-dependent constitutive law to predict the residual stress
increment. At the end of the simulation, a one-step demolding process is introduced
to simulate the process in which the composite structure is parted from the mold.
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Figure 4.1: Multi-physics modeling framework for the curing model.
4.2.1 Heat transfer analysis
In the curing process, an elevated temperature is usually applied on the laminate
in order to expedite the cross-linking reaction. Due to the exothermic nature of
the cross-linking reaction, internal heat generation will influence the temperature
distribution inside the composite, and the temperature evolution inside the laminae
is governed by the heat transfer governing equation as [103],
ρcCp,c
∂T
∂t
=
3∑
n=1
∂
∂xn
(kn,c
∂T
∂xn
) + ρm(1− Vf )Hr dφ
dt
(4.1)
where ρc is effective composite density, Cp,c is effective composite specific heat, T is
the temperature, kn,c is the thermal conductivity along the n
th direction, ρm is the
resin density, Vf is the fiber volume fraction, and Hr is the reaction heat. As the
internal heat generation is dependent on the curing rate, the heat transfer governing
equation needs to be solved together with the resin cure kinetics model (Eq. (2.2)).
4.2.2 Stress analysis
As the resin demonstrates strong stress relaxation effects in the curing process,
a 3D cure-dependent viscoelastic constitutive law that accommodates thermal and
chemical strains is developed to define the mechanical response of the curing compos-
ite as,
σ =
∫ t
0
Cr(t− s)∂εeff
∂s
ds (4.2)
where σ is the total stress, Cr is the stress relaxation tensor, t is the current time, s
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is the time history, and εeff is the mechanical strain calculated from the thermal and
chemical strains as,
εeff = ε − εth − εch (4.3)
where ε is the total strain, εth is the thermal strain, and εch is the chemical strain.
Note that the thermal strain is induced by the temperature change, and it is calcu-
lated as εth =
∫ T2
T1
α(T, φ)dT , where α(T, φ) is the temperature- and cure-dependent
Coefficients of Thermal Expansion (CTE). The chemical strain is caused by the vol-
umetric shrinkage of the curing resin.
In Eq. (4.1) and (4.2), the material properties included in the governing equations
are composite properties. Therefore, it is imperative to develop a multi-scale modeling
framework to predict the composite properties from the fiber and resin properties,
which is introduced in Section 4.3.
4.3 Multi-Scale Modeling Framework
For fiber-reinforced composites, a small structure with simple microstructures can
easily accommodate billions of carbon fibers. Under the current computational power,
it is challenging to construct a full-scale discrete model to compute the mechanical
response of the composite. The total element number is enormous. In addition, at
the fiber–resin interface, the quality of the elements is usually poor, which induces
additional computational errors. In this study, a multi-scale modeling approach is
employed, as demonstrated in Figure 4.2.
The key of the multiscale modeling framework is to create models that capture the
structural features at different hierarchical levels of the composite, and a “bridge” is
created to exchange information between different scales. In this study, at the global
scale (macroscale), the composite is homogenized into a single and homogeneous
material. A micromechanics model is implemented at each integration point of the
homogenized model. At each time increment, based on the fiber and resin proper-
ties, effective composite properties are predicted, and the composite properties are
included in a 3D constitutive law to compute the residual stress increment (homog-
enization). Simultaneously, the stress fields at the local scale (microscale) can be
back-calculated from the global stress fields through the micromechanics model, and
this dehomogenization process is useful when predicting the strengths of the compos-
ite structures. In this study, since the global stress field and the overall structural
deformation are concerned, only homogenization process is conducted.
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Figure 4.2: Schematic drawing of the multiscale modeling framework.
4.3.1 Viscoelastic constitutive response of a curing resin
In the curing process, the resin transforms from a liquid state into a solid state
through a cross-linking reaction. The cure progression can be predicted using the cure
kinetics model (Eq. (2.2)), and the glass transition temperature grows monotonically
with the DOC (Eq. (2.5)). For a curing thermoset, the entire curing process can be
divided into three regions, as demonstrated in Figure 4.3.
Glass Transition 
Temperature
I II III
Gel Point
Vitrification 
Point
Figure 4.3: Mechanical response of a curing resin.
Before the resin reaches the gel point (Region I), the resin is at the liquid state,
and it has little capability to carry any loads. The residual stress accumulated in this
region is negligible. Mathematically, an elastic constitutive law is used to describe
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the mechanical response of the curing resin in this region as,
σ = Cmε (4.4)
where Cm is the stiffness tensor of the resin. In this stiffness tensor, the tensile
modulus of the resin is assumed to be 1% of the fully-cured resin modulus at the glassy
state, and Poisson’s ratio is assumed to be 0.49 to account for the incompressible
nature of the liquid. It should be noted that this set of value is also employed in other
elastic processing models to avoid the zero-stiffness tensor in FEA solvers [104, 105].
Since the thermal and chemical strains are not included in the constitutive law (Eq.
(4.4)), the residual stress buildup in the Region I is negligible. It is expected that the
selection of the resin modulus should have little impacts on the final results.
After the gel point, the resin gains stiffness significantly, and the resin transforms
into a solid. The mechanical response of the curing resin becomes viscoelastic, and the
thermal strain εth and chemical strain εch should be considered in the constitutive law.
When the curing temperature is above the in-situ glass transition temperature (Re-
gion II), the resin is at the rubbery state, and it demonstrates strong stress relaxation
capabilities. The relaxation modulus of the resin is highly dependent on the temper-
ature and DOC, and it is essential to develop a cure-dependent thermo-viscoelastic
constitutive law to describe the resin behavior in this region as,
σ =
∫ t
0
Cmr (T, φ, t, s)
∂(ε − εth − εch )
∂s
ds (4.5)
where Cmr is the resin relaxation modulus stiffness tensor.
When the curing temperature is below the in-situ glass transition temperature,
the resin is across the vitrification point, and the resin transforms from a “rubbery”
state into a “glassy” state (Region III). Although the stress relaxation behavior still
exists, most of the residual stresses cannot be dissipated and remain in the final
composite parts as the resin loses most of the stress relaxation capabilities after the
vitrification point. However, the residual stress increment in this region can still be
predicted using Eq. (4.5).
For the pure resin, its mechanical response can be dictated though a 3D vis-
coelastic constitutive law, which requires two independent material properties. In
this study, the shear modulus and Poisson’s ratio of the curing resin are employed to
construct the constitutive law. For the curing resin, the viscous part of the Poisson’s
ratio can be neglected [106], and its elastic part is assumed to have a monotonic
relation with DOC [2]. The shear relaxation modulus of the curing resin can be ex-
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pressed using the Generalized Maxwell model. However, the modulus of the curing
resin should be temperature-dependent as well. Fortunately, the curing resin is a
thermorheologically simple material, and the time-temperature superposition princi-
ple can be applied [50, 107]. Therefore, if the relaxation moduli of the curing resin
at the reference temperature (master curve) is known, the relaxation modulus at any
other temperature can be predicted from the master curve using a cure-dependent
temperature shift factor. Mathematically, the shear relaxation modulus of the resin
(Grm) at any combination of temperature and DOC can be expressed as a combination
of the cure-dependent shear modulus at the reference temperature with a temperature
shift factor as,
Grm(t, φ, T ) = G
m
∞(φ) +
N∑
k=1
Gmk (φ) exp(−
t
τmo,k(φ) · αT (φ, T )
) (4.6)
where Gm∞ represents the unrelaxed part of the resin modulus (elastic part), and G
m
k
and τmo,k are the stiffness coefficient and relaxation time of the k
th Maxwell element
at the reference temperature, respectively.
So far, only the material properties of the neat resin are discussed. However, at
the global scale, the effective composite properties should be used to determine the
global stress field and the overall structural deformation, and it is required to develop
a micromechanics model to compute the effective composite properties from the fiber
and resin properties.
4.3.2 Micromechanics model
The goal of the micromechanics model is to predict the composite thermal-chemical-
mechanical properties from the fiber and resin properties. In this study, an Extended
Concentric Cylinder Assemblage (ECCA) micromechanics model is employed. Com-
pared with other micromechanics models such as Rule of Mixtures, the ECCA model
has many advantages such as considering the stress gradients in the fiber and resin
phase during the homogenization. In addition, it is also a 3D micromechanics model
that considers the Poisson’s effect.
For textile composites, a single fiber tow consists of thousands of individual fibers
embedded in a surrounding matrix, the microstructure of which can be represented
as a unidirectionally aligned fiber-reinforced composite. When the fiber tow undu-
lates along its longitudinal direction, each infinitesimal section of a fiber tow can be
considered as a unidirectional composite with its local coordinates aligned with the
tow orientation (Figure 4.4). The effective response of such a material is transversely
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isotropic, and can be computed using the ECCA micromechanics model. The mate-
rial properties in the tow coordinate will be transformed into the ply coordinate and
then the global coordinate through the tensor transformation. The effective compos-
ite properties are then computed from the tow properties in the global coordinate
and resin properties. In this section, the subscript “t” and “p” refer to the material
properties defined in the tow and ply coordinates, respectively.
μm mm m
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Figure 4.4: Coordinate systems used at the different scales in textile composites.
4.3.2.1 Effective thermal properties
For the bulk properties such as the density and specific heat, based on conservation
of mass and stored energy, the effective composite properties can be computed directly
using the fiber volume fraction as,
ρ = ρf (V0◦Vf,0◦ + V90◦Vf,90◦) + ρ
m(1− V0◦Vf,0◦ − V90◦Vf,90◦)
Cp =
ρfCfp (V0◦Vf,0◦ + V90◦Vf,90◦) + ρ
mCmp (1− V0◦Vf,0◦ − V90◦Vf,90◦)
ρf (V0◦Vf,0◦ + V90◦Vf,90◦) + ρm(1− V0◦Vf,0◦ − V90◦Vf,90◦)
(4.7)
where ρf , Cfp , ρ
m, and Cmp are the density and specific heat of the fiber and matrix,
respectively, Vf,0◦ and Vf,0◦ are the fiber volume fraction in the weft and warp tows,
and V0◦ and V90◦ are the volume fraction of weft and warp tows. The fiber volume
fraction in fiber tows and volume fraction of fiber tows can be found in Table 2.1.
For the thermal conductivity, the fiber tow can be treated as a unidirectional
composite in the tow coordinate, and the thermal conductivities of the fiber tow can
be computed as [2],
k1,t = k
f
1Vf + k
m(1− Vf )
k2,t =
(1 + Vf )k
f
2 + (1− Vf )km
(1− Vf )kf2 + (1 + Vf )km
km
(4.8)
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where kf1 and k
f
2 are the axial and transverse fiber thermal conductivities, respectively,
and km is the resin thermal conductivity. The first-order thermal conductivity tensor
in the local coordinates can be expressed as,
kt =
 k1,t 0 00 k2,t 0
0 0 k2,t

For a textile composite, it is assumed that each infinitesimal section of an undu-
lating tow makes an angle β with the x’-axis in the x’–z’ plane, as shown in Figure 4.5
[1]. The fiber undulation can be measured from the cross section microscopic images
of the specimen. Here we assume that the shape of the fiber can be predicted using
a periodic function, f(x′), as,
as a unidirectional composite, with its local coordinates aligned with the tow orienta-
tion, as schematically shown in Figure 5.2. The effective response of such a material
is transversely isotropic, requiring five independent constants to form the local fiber
tow stiffness tensor. The computation of fiber tow elastic properties in terms of the
fiber and matrix properties is given in Section 5.3.
F.2 Stiffness in the x′− y′− z′ Coordinate System (Ply Coor-
dinates)
Each infinitesimal section of an undulating tow makes an angle β with the x′-axis
in the x′− z′ plane, as shown in Fig. F.1. The fiber tow undulation can be measured
from the cross-sectional microscopic images of the specimen. Here, we assumed that
the shape of the fiber can be dictated using a periodic function, f(x′) , as,
z′ = f(x′) (F.1)
Therefore,
tan(β) =
df(x′)
dx′
(F.2)
mˆ = cos(β) =
1
1 + tan2(β)
(F.3)
nˆ = sin(β) =
tan(β)
1 + tan2(β)
(F.4)
 
x'
z'
12
β 
Figure F.1: x′ − z′ plane profile of an undulating fiber tow.
The contribution of the undulating tows to the stiffness in the x′ − z′ plane is
determined by averaging the transformed local stiffness over the length of the period,
L, as,
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Figure 4.5: x’-z’ plane profile of an undulating fiber tow.[1]
z′ = f(x′) (4.9)
Therefore,
tan β =
df(x′)
dx′
mˆ = cos β =
1
1 + tan2 β
nˆ = sin β =
tan β
1 + tan2 β
(4.10)
For thermal conductivity tensor, the transformation matrix is,
Tˆ1 =
 mˆ 0 nˆ0 1 0
−nˆ 0 mˆ

and the contribution of the undulating tow to the thermal conductivity tensor in the
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x’-z’ plane is determined by averaging the transformed local thermal conductivity
tensor over the length of the period L as,
kp′ =
1
L
∫ L
0
Tˆ1
−1
ktTˆ1dx
′ (4.11)
where kt and kp′ designate the thermal conductivity tensors of fiber tows in the tow
and ply coordinates, respectively. The value of the wavelength can be found in Table
2.1.
The thermal conductivity tensor in the x’–y’–z’ coordinates is transformed to a
representation in the x–y–z coordinate system of the RUC, through a rotation about
the (z/z’) axis with an angle θ. This angle is used to define the orientation of each
ply. For plain-weave composites, θ is 0◦ for the weft tows, and 90◦ for the warp tows.
Define
Mˆ = cos θ =
1
1 + tan2 θ
Nˆ = sin θ =
tan θ
1 + tan2 θ
(4.12)
and the thermal conductivity tensor of the fiber tows can be transformed from the
ply coordinate into the global coordinate as,
kp = Tˆ2
−1
kp′Tˆ2 (4.13)
where Tˆ2 is the transformation matrix as,
Tˆ2 =
 Mˆ −Nˆ 0Nˆ Mˆ 0
0 0 1

Finally, the composite thermal conductivities can be computed from the composite
thermal conductivity tensor, which is computed from the thermal conductivity tensors
of the fiber tows and pure resin in the global coordinate using the rule of mixtures
as,
k = kp0◦V0◦ + kp90◦V90◦ + kmVm (4.14)
where k is the composite thermal conductivity tensor, km is the thermal conductivity
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tensor of the resin, kp0◦ and kp90◦ are the thermal conductivity tensors of weft and
warp tows in the global coordinate, and Vm is the volume fraction of the pure resin.
4.3.2.2 Effective CTEs and chemical strains
Computing the effective thermal expansion coefficients of the textile composites
is a challenging problem in that the textile composites usually have complicated
microstructures, and the effective thermal expansion coefficients of the composites
are also dependent on the elastic properties of the fiber and resin. At the current
stage, although multiple homogenization schemes have been proposed to predict the
effective thermal expansion coefficients of the textile composite [108–111], most of
the models rely on accurate characterization of the textile microstructures. In this
study, the effective thermal expansion coefficients of the plain weave textile composites
are predicted through a cross-ply laminate with a layup of [0/90]S (Vf = V0◦Vf,0◦ +
V90◦Vf,90◦).
For a unidirectional lamina, the effective thermal expansion coefficients can be
predicted using the ECCA micromechanics model as [2],
α1,l =
λ11
∆
αf1Vf +
λ12
∆
αf2Vf +
λ13
∆
αm(1− Vf )
α2,l =
λ21
∆
αf1Vf +
λ22
∆
αf2Vf +
λ23
∆
αm(1− Vf )
(4.15)
The derivation and explicit expressions of the effective thermal expansion coefficients
can be found in Appendix A and Appendix B. The thermal expansion coefficient
tensor of each lamina with a fiber orientation angle of θ in the global coordinate can
be computed as,
{α}k =

α1,l cos
2 θ + α2,l sin
2 θ
α1,l sin
2 θ + α2,l cos
2 θ
2(α1,l − α2,l) cos θ sin θ
 (4.16)
Based on the Classical Laminated Plate Theory (CLPT), the constitutive law of the
laminate subjected to the thermal loading alone can be expressed as [112],
{
NT
MT
}
=
[
A B
B D
]{
ε0,T
κT
}
(4.17)
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where A, B, and D are matrices defined in the CLPT, 0,T is the mid-plane strain,
κT is the curvature, NT and MT are thermal loading defined as,
{NT} = ∆T
N∑
k=1
[Q¯]k[α]ktk
{MT} = 1
2
∆T
N∑
k=1
[Q¯]k[α]k(z
2
k − z2k−1)
(4.18)
where [Q¯]k is the reduced stiffness tensor of the k
th lamina. Since the laminate is a
symmetric one, it is obvious [B] and {MT} are both equal to zero. As a consequence,
from Eq. (4.17), the thermal-induced strains can be computed as,
{ε0T} = [A]−1{NT} (4.19)
Based on the definition, the in-plane thermal expansion coefficients can be calculated
as,
{α} = 1
∆T
{ε0T} = [A]−1
N∑
k=1
[Q¯]k[α]ktk (4.20)
Note that the effective thermal expansion coefficients obtained from the CLPT are
only in-plane properties. The through-thickness thermal expansion coefficient of the
laminate should be identical to the transverse thermal expansion coefficient of the
lamina α2,l.
Likewise, the same approach can be used to predict the effective chemical strains
of the laminate. For each lamina, the effective chemical strain increment in the local
material coordinate can be expressed as,
∆εch1 =
λ13
∆
∆εm,ch(1− Vf )
∆εch2 =
λ23
∆
∆εm,ch(1− Vf )
(4.21)
The explicit expression of the chemical strains can be found in Appendix B. Applying
the same approach, the in-plane chemical strain increment of the laminate can be
predicted as,
∆{εch} = [A]−1
N∑
k=1
[Q¯]k∆{εch}ktk (4.22)
and the through-thickness chemical strain is identical to ∆εch2 .
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4.3.2.3 Effective relaxation moduli
To capture the curing response of the composite, it is critical to incorporate the
cure-dependent viscoelastic constitutive relations of the composites through microme-
chanics models. However, it should be noted that the fiber follows an elastic constitu-
tive law, which has a different form from the viscoelastic constitutive law of the resin.
The key to computing the viscoelastic response of the fiber tow in the tow coordinate
is to implement the correspondence principle of viscoelasticity in conjunction with
micromechanics models.
First, the constitutive laws of the fiber and matrix are transformed from the time
domain to the frequency domain through Laplace transform so that both constitutive
laws share the “linear elastic” forms. For the curing resin, the cure-dependent shear
modulus in Eq. (2.4) and the tensile modulus can be written in the frequency domain
using the Laplace transform as,
Gm(s, T, φ) = Gm∞(φ) +
N∑
k=1
Gmk (φ)
s+ 1
τmo,k(φ)·αT (φ,T )
Em(s, T, φ) = 2Gm(1 + νm)
(4.23)
where s is a complex number frequency parameter defined in the Laplace transform.
In this study, the ECCA micromechanics model [2] is employed in the frequency
domain to compute the effective moduli of the fiber tows based on the fiber and
resin properties. The five independent constants used to characterize the transversely
isotropic fiber tows through the ECCA model are the axial Young’s modulus, E1,t,
the axial Poisson’s ratio, ν12,t, the axial shear modulus, G12,t, the plane-strain bulk
modulus, K23,t, and the transverse shear modulus, G23,t. In the frequency domain,
these properties can be computed from the fiber elastic properties and the viscoelastic
properties of the curing resin in the frequency domain (Eq. (4.23)) using the elastic
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micromechanics model as [113],
E1,t(s) = E
f
1Vf + E
m(s)(1− Vf ) + 4Vf (1− Vf )(ν
f
12 − νm)2Gm(s)
Gm(s)(1−Vf )
Kf23
+
Gm(s)Vf
Km23(s)
+ 1
ν12,t(s) = ν
f
12Vf + ν
m(1− Vf ) +
Vf (1− Vf )(νf12 − νm)(G
m(s)
Km23(s)
− Gm(s)
Kf23
)
Gm(s)(1−Vf )
Kf23
+
Gm(s)Vf
Km23(s)
+ 1
G12,t(s) = G
m(s)
Gf12(1 + Vf ) +G
m(s)(1− Vf )
Gf12(1− Vf ) +Gm(s)(1 + Vf )
K23,t(s) = K
m
23(s) +
Vf
1
Kf23−Km23(s)
+
1−Vf
Km23(s)+G
m(s)
(4.24)
while G23,t(s) is solved from the quadratic equation,
A
(
G23,t(s)
Gm(s)
)2
+B
(
G23,t(s)
Gm(s)
)
+ C = 0 (4.25)
where A, B, and C are functions of fiber volume fraction, Vf , and fiber and matrix
properties, which are given in [113]. The effective tow viscoelastic properties obtained
in the frequency domain are transformed back to the time domain through the Inverse
Laplace Transform (ILT). The tow mechanical properties are then included in the
relaxation stiffness tensor (Cr,t) of the fiber tow in the tow coordinate as,
Cr,t(t) =

E1,t + 4ν
2
12,tK23,t 2ν12,tK23,t 2ν12,tK23,t 0 0 0
2ν12,tK23,t K23,t +G23,t K23,t −G23,t 0 0 0
2ν12,tK23,t K23,t −G23,t K23,t +G23,t 0 0 0
0 0 0 G23,t 0 0
0 0 0 0 G12,t 0
0 0 0 0 0 G12,t

The contribution of the undulating tows to the stiffness tensor in the x’–z’ plane
is determined by averaging the transformed local stiffness tensor over the length of
the period L as,
Cr,p′ =
1
L
∫ L
0
Tˆ1
−1
Cr,tRTˆ1R
−1dx′ (4.26)
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where Tˆ1 is the transformation matrix, and R relates engineering strains to torsional
strains.
Tˆ1 =

mˆ2 0 nˆ2 0 2mˆnˆ 0
0 1 0 0 0 0
nˆ2 0 mˆ2 0 −2mˆnˆ 0
0 0 0 mˆ 0 −nˆ
−mˆnˆ 0 mˆnˆ 0 mˆ2 − nˆ2 0
0 0 0 nˆ 0 mˆ

R =

1 0 0 0 0 0
0 1 0 0 0 0
0 0 1 0 0 0
0 0 0 2 0 0
0 0 0 0 2 0
0 0 0 0 0 2

The total average stress–strain relation in the x’–y’–z’ coordinates is then trans-
formed into a representation in the global x–y–z coordinate system through coordinate
transformation as,
Cr,p = Tˆ2
−1
Cr,p′RTˆ2R
−1 (4.27)
where Tˆ2 is a transformation tensor given by,
Tˆ2 =

Mˆ2 Nˆ2 0 0 0 2MˆNˆ
Nˆ2 Mˆ2 0 0 0 −2MˆNˆ
0 0 1 0 0 0
0 0 0 Mˆ −Nˆ 0
0 0 0 Nˆ Mˆ 0
−MˆNˆ MˆNˆ 0 0 0 Mˆ2 − Nˆ2

Finally, the stiffness contribution of each ply is then assembled while taking into
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account the respective volume fraction of each constituent within the Repeated Unit
Cell (RUC). The effective homogenized stiffness of the composite is computed based
upon the assumption that all the constituents carry the same amount of strain, and
the global stiffness relaxation tensor of the RUC is determined using the definition of
volume averaged stresses as [3],
Cr = Cr,p0◦V0◦ +Cr,p90◦V90◦ +Cr,mVm (4.28)
where Cr,p0◦ and Cr,p90◦ are relaxation stiffness tensors of weft and warp tows in the
global coordinate, respectively, and Cr,m is the relaxation stiffness tensor of resin.
4.3.2.4 Experimental validation of the homogenization scheme using the
micromechanics model
To further validate the proposed homogenization technique applied on the relax-
ation moduli experimentally, physical tests were carried out to measure both a neat
resin and the corresponding unidirectional composite responses under axial tension,
transverse tension, and axial shear. The measured resin relaxation modulus was
implemented as the input of the micromechanics model to predict the resulting com-
posite viscoelastic responses, which were compared against the experimental results
to demonstrate the predictive capability of the proposed homogenization method.
Manufacturing of the composite and neat resin specimens
25.73 mm
6.52 mm
122.58 
mm
33.40 mm
Figure 4.6: Manufacturing of the pure resin specimens.
To characterize the axial tension, transverse tension, and axial shear of a unidi-
rectional composite, laminates with a layup of [0]4 and [±45]S were fabricated using
the VARTM technique. After mixing the EPON 862 resin and the EPIKURE W
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curing agent (purchased from Hexion corporation), the mixture was forced into the
fiber preform from the resin supply line due to the pressure difference between the
vacuum inside the vacuum bag and the outside atmospheric pressure. When the fibers
were fully impregnated by the resin, the composites were cured at 170◦C through a
hot plate. After the laminates were parted from the aluminum mold, they were cut
into 8” × 0.95” rectangular strips for the 0◦, 90◦ and ±45◦ stress relaxation tests.
Fiberglass tabs were attached to both sides of the gripping sections to ensure uniform
stress distribution on the specimens.
In order to measure the relaxation modulus of the matrix, neat resin specimens
were manufactured by pouring the resin/hardener mixture into a dumb-bell-shaped
silicon mold, as shown in Figure 4.6. The resin was degassed in a vacuum oven for 9
hours. After degassing, the pure resin specimen was cured using the same cure cycle
applied to the composites, and the pure resin specimens were carefully polished after
demolding. The thickness of the neat resin specimen was 3.70 mm. Other dimensions
of the neat resin specimens can be found in Figure 4.6.
Characterization of the relaxation modulus of the neat resin The resin relaxation
modulus of was characterized by performing the stress relaxation test on the neat resin
specimens. The resin specimens were loaded using an Instron 5869 load frame, and
the strains were measured using an Instron 1” static extensometer. In the relaxation
tests, the specimens were loaded at a rate of 2 mm/min until the strain measured by
the extensometer reached 0.4%. Then, the strain remained constant, and the load
cell on the load frame recorded the load change for 5 min. The results were plotted
in Figure 4.7, in which the stresses were calculated by normalizing the recorded loads
by the cross-sectional areas of the gauge sections.
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Figure 4.7: Experimental stress relaxation responses of the neat resin specimens.
The relaxation modulus was calculated based on the ratio of the stress and strain
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during the constant strain regime. The relaxation modulus was dictated using the
Generalized Maxwell model using Eq. (4.6). At least two Maxwell elements are re-
quired to ensure that coefficient of determination (R2) is above 0.995 for each curve
fitting result. Table 4.1 summarizes the coefficients used in the generalized Maxwell
model, which were determined using a curve fitting function available in MATLAB.
The measured resin viscoelastic properties were subsequently implemented in the
proposed micromechanics-based homogenization method to predict the effective com-
posite stress relaxation responses under axial tension, transverse tension, and axial
shear. The predicted composite responses are further compared against the experi-
mental results as discussed below.
Table 4.1: Coefficients of the Maxwell model for the resin relaxation modulus.
Test Emu (MPa) E
m,1 (MPa) τ1 (s) E
m,2 (MPa) τ2 (s)
Test 1 2387.0 104.9 20.7 160.7 283.7
Test 2 2370.0 96.9 19.9 147.4 290.9
Test 3 2468.0 106.4 20.5 163.9 288.5
Test 4 2575.0 110.2 18.6 157.5 261.4
Test 5 2548.0 106.6 20.5 156.7 295.7
Average 2469.6 105.0 20.1 157.2 284.0
Composite axial tensile stress relaxation response To characterize the stress relax-
ation response of a unidirectional composite subject to axial tension, the 0◦ samples
were loaded using an Instron 5869 load frame at a rate of 2 mm/min. Then, a constant
strain of 0.1% was prescribed for 5 min to determine the stress relaxation response.
The prescribed strain was about 5% of the 0◦ failure strain, therefore, no damage
should be expected during the test. The experimental results, together with the nu-
merical predictions are shown in Figure 4.8. The stress relaxation behavior can be
barely observed in either the experimental result or the numerical predictions based
on the ROM and ECCA micromechanics models. It also shows that the predictions
from both models agrees well with the experimental results.
Composite transverse tensile stress relaxation response The [90]4 specimens were
used to characterize the transverse tensile stress relaxation behavior. In the test, the
90◦ specimens were loaded using the Instron 5869 load frame at a rate of 2 mm/min,
and then were held at a constant strain of 0.4% for 5 min. The corresponding peak
stress was 24.34 MPa, which was about 60.85% of the composite 90◦ tensile strength.
Therefore, it is expect that the stress relaxation behavior shown Figure 4.9 is primar-
ily due to the viscoelastic behavior of the resin rather than matrix damage. Figure
4.9 also shows the predicted transverse tensile behavior of the composite based on
the ROM and ECCA micromechanics models. It can be concluded that the homoge-
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Figure 4.8: Experimental and computed stress relaxation responses of the composite
under axial tension.
nization method based on the ECCA model demonstrates an accurate prediction on
the composite transverse tensile response including both elastic and stress relaxation
responses.
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Figure 4.9: Experimental and computed stress relaxation responses of the composite
under transverse tension.
Composite axial shear stress relaxation response To characterize the axial shear
response, uniaxial tensile tests were conducted on the [±45]S specimens. Based on
the mechanics of composite materials, the composite axial shear stress, σ12, and the
axial shear strain, γ12 can be related to the measured stress and strains as [114],
σ12 =
1
2
σ0 (4.29)
γ12 = xx − yy (4.30)
where σ0 is the measured tensile stress, xx is the strain along the loading direction,
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and yy is the strain transverse to the loading direction. In the experiment, both
an extensometer and a Digital Image Correlation (DIC) technique were utilized to
measure the strains. To perform the DIC calculation, the outer surface of the spec-
imen was first sprayed by flat white paint, followed by a mist of flat black paint to
create speckles. A series of images of the front speckled surface were taken during the
deformation using a 5 Megapixel Nikon DSLR D5200 camera at 10-s time intervals.
The full field surface strains were obtained via the DIC software DaVis (version 8.13)
with a subset size of 31 pixels and a step size of 8 pixels. The axial strains measured
using the DIC method correlated well with the measurement obtained from the ex-
tensometer. Thus, the DIC method was further employed to compute the transverse
strains, which was subsequently used to compute the axial shear strain in Eq. (4.30).
Similar to the 90◦ relaxation tests, the [±45]S specimen was loaded at a rate of 2
mm/min before it was held at a constant axial strain (xx) of 0.4% for 5 min. This
provided an axial shear strain (γ12) of 0.575% in the local composite coordinate system
based on the DIC measurement and Eq. (4.30). Figure 4.10 shows the axial shear
stress relaxation response of a unidirectional composite, in which the local axial shear
stress (σ12) was calculated using Eq. (4.29). It can be found that the homogenization
method based on the ECCA micromechanics model provides an accurate prediction
on the composite shear relaxation response. The ROM approach can capture the
stress relaxation response, however, it under-predicts the stiffness and peak stress
during the initial linear loading. This is due to the fact that the ROM equation
provides the lower bound of the composite elastic axial shear modulus.
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Figure 4.10: Experimental and computed stress relaxation responses of the composite
under axial shear.
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4.3.3 Implementation of viscoelastic constitutive relations at the macroscale
After the relaxation moduli of the composite are determined through microme-
chanical analysis, they are passed into the macroscale model, in which a 3D anisotropic
viscoelastic model formulated based on Eq. (4.2) is employed to predict the residual
stress increment at each time increment. It should be noted that Eq. (4.2) has an
integral form, and the stress increment at each time increment can be predicted as,
∆σ t+∆t = σ t+∆t − σ t
=
∫ t+∆t
0
Cr(t+ ∆t− s)deff
ds
ds−
∫ t
0
Cr(t− s)deff
ds
ds
=
∫ t
0
[Cr(t+ ∆t− s)−Cr(t− s)] eff
ds
ds−
∫ t+∆t
t
Cr(t
+ ∆t− s)eff
ds
ds
(4.31)
where ∆σ t+∆t is the stress increment at the current time increment, σ t+∆t is the stress
at the current time increment, and σ t is the stress at the previous time increment.
In the final expression of Eq. (4.31), the second term can be evaluated directly
using the trapezoidal rule since it only requires the information during each time
increment. However, the first term is a computationally expensive one, since the
time “t” keeps varying in every time increment, and the resulting stress increment
requires evaluating the stresses in the entire time history. As a consequence, the
direct implementation of the viscoelastic law dictated in Eq. (4.2) is computationally
expensive [48]. To improve the computational efficiency, the differential form of the
viscoelastic constitutive law is widely employed [46, 47, 107], in which the stresses at
the current time increment depend only on the results in the previous step. In this
work, a generalized method is proposed to implement the differential form of a 3D
anisotropic viscoelastic constitutive law.
In order to transform the integral form of the viscoelastic constitutive law into
the differential form, a mathematical manipulation is applied so that each stress
component can be written as a summation of 1D elastic and viscoelastic models, as
shown in Appendix C. In Eqs. (C.3) and (C.4), the terms containing Aij represent
the stress contributed from the elastic part of the lamina properties, and they are
straightforward for numerical implementation. For the terms containing Wij in Eqs.
(C.3) and (C.4), they have a mathematical form of 1D viscoelastic constitutive law.
Define,
Lkijmn =
∫ t
0
W kij exp(−
t
τ kij
)
dεmn,eff
ds
ds (4.32)
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Note that mathematically, Eq. (4.32) represents a 1D viscoelastic constitutive law,
and it can be transformed to the differential from as,
d
dt
Lkijmn = W
k
ij
d
dt
εmn,eff − 1
τ kij
Lkijmn (4.33)
Using the central difference scheme, Eq. (4.33) can be evaluated in each time incre-
ment using,
∆Lk,t+∆tijmn =
2τ kij
2τ kij + ∆t
W kij∆ε
t+∆t
mn,eff −
2∆t
2τ kij + ∆t
Lk,tijmn (4.34)
where ∆Lk,t+∆tijmn is the increment of L
k
ijmn at the current time increment, L
k,t
ijmn is
the value of Lkijmn in the previous time increment, ∆ε
t+∆t
mn,eff is the increment of the
mechanical strain at the current time increment, and ∆t is the time increment.
In summary, at each integration point of the macroscale model, based on the
temperature and DOC, the resin relaxation modulus is updated using Eq. (2.4).
Then, the information is passed down to the microscale model, in which the ECCA
micromechanics models are employed to determine the lamina CTEs and shrinkage
strains, as well as the lamina moduli with the aid of the correspondence principle of
viscoelasticity. The thermo-chemo-mechanical properties of the lamina obtained at
the microscale are passed back to the 3D anisotropic viscoelastic constitutive law at
the macroscale (Eq. (4.2)), and the differential form of the constitutive law (Eqs.
(C.3), (C.4), (4.32), and (4.34)) is used to compute the stress increment at each time
increment.
4.4 Experimental Validation of the Residual Stress Model
The accuracy of the curing model is assessed by comparing the numerical pre-
dictions of warpage deflections of an anti-symmetric laminate manufactured using
the VARTM technique against the experimental results. This benchmark example
is chosen since the residual stresses can be visualized through the warpage, and the
warpage deflection is proportional to the magnitude of the residual stresses. The pro-
posed multiscale and multi-physics processing model is executed using the commercial
FE software Abaqus to predict the curing-induced residual stresses in composite lam-
inates.
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4.4.1 Manufacturing of the anti-symmetric composite laminate
Anti-symmetric laminates with a stacking sequence of [02/902] were manufactured
through the VARTM technique using non-crimp carbon fabrics (purchased from Fibre
Glast) and a two-part EPON 862/W resin (purchased from Hexion Corporation), as
illustrated in Figure 4.11. In the VARTM process, the fabrics with a size of 4” × 4”
were placed on a flat, 12” × 12” × 0.5” aluminum mold covered by a vacuum bag. The
resin was drawn into the fabrics due to the pressure difference created by a vacuum
pump. Once the infusion process was completed, a Manufacturer-Recommended Cure
Cycle (MRCC), depicted in Figure 4.12, was applied to the mold through a hotplate.
After the curing process, the laminate was taken out of the mold. Due to the presence
of residual stresses, the composite panels were warped, showing an anticlastic shape,
as shown in Figure 4.13(a). The deflections of the manufactured laminates were
measured using a radius gauge, and the average deflections along the two principle
directions are 2.50 mm (± 0.26 mm) and 2.47 mm (± 0.18 mm), respectively.
Resin Supply
Vacuum Pump
Fiber Preform
Peel Ply
Flow Medium Vacuum Bag
Figure 4.11: Illustration of the VARTM setup.
4.4.2 Prediction of the warpage curvatures using the proposed processing
model
The proposed curing model was executed using the commercial FE software Abaqus
to predict the warpage shape of the anti-symmetric laminate. The schematic drawing
of the FE model is shown in Figure 4.14. The dimensions of the model were deter-
mined based on the experimental setup. The thickness of the laminate was 1.32 mm
based on measurement of the thickness of the as-fabricated composite panel. The
[02/902] laminate was modeled as four discrete layers through the thickness direction.
Each layer represents a single lamina with local orientation aligned with the fiber
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Figure 4.13: Deformed shape of the anti-symmetric [02/902] laminate.
direction. The bottom surface of the laminate fully contacted the top surface of the
aluminum mold. Due to the symmetry of the geometry and the boundary conditions,
only a quarter of the setup was modeled to save the computational time and costs.
The symmetric planes of the mold and the laminate were located at the planes x = 0
and y = 0. In each step of the processing model, symmetric boundary conditions
were applied on these planes to preserve the geometric compatibility of the model
and the continuity of temperature and stress fields.
The first step of the curing modeling is to conduct the heat transfer analysis.
The composite laminate was meshed using the DC3D20 quadratic heat transfer solid
elements, while the mold was meshed using the DC3D8 linear heat transfer solid
elements. The cure cycle shown in Figure 4.12 was prescribed at the bottom surface
of the mold to simulate the heating process of the mold by the hotplate. On the
top and side surfaces, adiabatic boundary conditions were applied. The heat transfer
governing equation together with the resin cure kinetics model (Eqs. (4.1) and (2.2))
were implemented into the Abaqus user-defined thermal material behavior subroutine,
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Figure 4.14: Schematic drawing of the processing model created in Abaqus.
UMATHT. The output of the heat transfer analysis is the predicted temperature
evolution and cure progression inside the composite laminate.
The next step is to predict the residual stress increment in the stress analysis.
In the stress analysis, the laminate was meshed using the C3D20 quadratic solid
elements, while the mold was meshed using the C3D8 linear solid elements. The
symmetric boundary conditions were applied on the symmetric planes to preserve
the geometric compatibility of the laminate and the mold in the stress analysis. One
atmospheric pressure is applied on the top surface of the laminate to simulate the
compaction pressure applied on the laminate in the VARTM process. Based on the
temperature and DOC histories obtained from the heat transfer analysis, the cure-
dependent viscoelastic constitutive relations of the laminate were implemented as a
user-defined material subroutine, UMAT, in which the composite curing responses
were determined using the multiscale modeling framework discussed in Sec. 4.3.
At the end of the stress analysis, a one-step demolding process was used to simulate
the separation of the composite laminate from the mold after the curing process.
All exterior surfaces of the laminate became traction free. In the demolding step,
the mold elements were removed using the Abaqus keyword “model change”. The
tool–part interaction together with the boundary conditions applied on the mold
were deactivated, and the atmospheric pressure was also removed. However, the
symmetric boundary conditions applied on the laminate remained to preserve the
geometric compatibility of the laminate in the demolding process. Once the demolding
simulation was performed, the anti-symmetric laminate deformed into an anticlastic
shape, as illustrated in Figure 4.13(b). The predicted warpage deflection of the panel
edges perpendicular to the x axis (δx) is 2.32 mm, and the warpage deflection of
the edges perpendicular to the y axis (δy) is 2.30 mm. It can be concluded that
the predicted warpage curvatures are correlated well with the experimental results
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(δx = 2.5 mm and δy = 2.47 mm).
4.4.3 Elastic processing models based on the CLPT
Elastic processing models based on the CLPT and CHILE model are widely
adopted to estimate curing-induced residual stresses because of their simplicity. The
CLPT-based model assumes that residual stresses are mainly accumulated in the cool-
ing stage when the cross-linking process of the resin molecules has already completed.
As a result, cure shrinkage is ignored in this approach. The stress–strain relations of
each lamina considering the thermal strains are,
σ = Q
(
ε − εth) (4.35)
{εth} =

εth1
εth2
γth12
 =

α1
α2
0
∆T (4.36)
where Q is the reduced stiffness matrix of each lamina in their material coordinates.
After applying the coordinate transformation and applying the CLPT, the constitu-
tive law for the laminate including the thermal strain becomes,{
N
M
}
=
[
A B
B D
]{
ε0
κ
}
−
{
NT
MT
}
(4.37)
where ε0 and κ are the mid-plane strains and curvatures, and NT and MT are the
force and moment resultants due to the thermal loading. The expressions for thermal
force and moment resultants are,
NTx
NTy
NTxy
 = ∆T
n∑
k=1
[
Q¯
]
k

αx
αy
αxy
 tk
MTx
MTy
MTxy
 = ∆T
n∑
k=1
[
Q¯
]
k

αx
αy
αxy
 tkz¯k
(4.38)
where αx, αy and αxy are lamina thermal expansion coefficients in the x−y coordinates
after performing the coordinate transformation using the ply angle of each lamina, tk
and z¯k are the thickness and the z coordinate of the mid-plane of the k
th layer. Since
the exterior surfaces of the laminate become traction free after the mold removal
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process, N and M should be zero. Thus, the constitutive law in Eq. (4.37) becomes,{
NT
MT
}
=
[
A B
B D
]{
ε0
κ
}
(4.39)
With known temperature increment, the effective elastic constants and thermal ex-
pansion coefficients, the stacking sequence, and the lamina thickness, the strains and
curvatures of the mid-plane can be solved. The warpage defection can be computed
from the curvature using the trigonometry.
4.4.4 Residual stress prediction using the CHILE model
The CHILE model [42] simulates the entire curing process using an elastic con-
stitutive law to compute the residual stress increment in each time increment. The
model can be incorporated in a FE-based multi-physics computational framework
proposed in this study, in which the temperature and DOC histories determined from
the heat transfer analysis are passed to the stress analysis. The key assumption of the
CHILE is that the modulus of the resin increases monotonically with an increased
DOC, as shown in Figure 4.15. Then, elastic micromechanics models, such as the
ECCA model employed in this study, can be applied to determine the effective mod-
uli of the lamina based on the fiber and instantaneous resin properties, which are
further used to establish the cure-dependent constitutive relations of the lamina. The
incremental stress–strain relations of the lamina can be expressed as [2],
∆σ = C (∆ε −∆εth −∆εch) (4.40)
where C is the instantaneous stiffness tensor of the lamina, ∆εth and ∆εch are the
incremental thermal and shrinkage strains shown in Eqs. (B.1) and (B.3), respectively.
The detailed implementation of the CHILE model in the FE modeling framework is
given in Ref. [2].
4.4.5 Comparison of the viscoelastic and elastic processing models
In this study, a MATLAB code was developed to compute the cure-induced de-
formation using the CLPT model based on Eq. (4.39). The reduced stiffness matrix
and the effective thermal expansion coefficients of the unidirectional lamina were cal-
culated from the fiber properties (Table 2.2) and fully-cured resin properties at the
glassy state (Em = 3240 MPa, νm = 0.36 [2, 6]) using the CCA micromechanics model.
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Figure 4.15: Shear modulus of the curing resin using in the CHILE model [2].
The CHILE model was implemented in Abaqus as a UMAT [2]. In the CHILE model,
the effective material properties were computed from the fiber properties presented in
Section 2.4, and the cure-dependent resin elastic properties were depicted in Ref. [2].
Both models were used to predict the curing-induced warpage of the anti-symmetric
laminate discussed in Sec. 4.4, and their results are presented in Figure 4.16. It is
clear that compared with experimental results, both the CLPT and CHILE models
significantly over-predict the residual stress-induced warpage deflections.
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Figure 4.16: Comparison of the viscoelastic and elastic processing models
It is evident that compared with the CLPT and the CHILE models, the viscoelas-
tic processing model can provide an improved prediction on curing-induced residual
stresses. This is due to the fact that the viscoelastic model accounts for the stress
relaxation of the composite during curing. When the curing temperature is above the
glass transition temperature of the resin, even for the fully-cured composite, most of
the residual stress can be dissipated because the composite is in the rubbery state.
Therefore, it is reasonable to assume that the composite is under a stress free state
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at the “rubbery” state, and the residual stresses are accumulated in the cooling stage
when the temperature decreases from the glass transition temperature to the room
temperature, which can be considered as the “effective temperature drop” proposed
in Ref. [115]. The elastic processing models can give a more accurate prediction
if they only account for the residual stress developed in the region of the “effective
temperature drop”.
To achieve this purpose, in the CLPT model, the temperature change, ∆T , should
be the temperature difference between the glass transition temperature of the fully-
cured state (for EPON 862/W resin system, T∞g = 110
◦C [6]) and the room tem-
perature rather than the temperature difference between the maximum temperature
in the cure cycle and the room temperature [115]. For the CHILE model, the incre-
mental thermal (∆εth) and chemical (∆εch) strains in Eq. (4.40) are incorporated in
the UMAT only when the composite is at the glassy state, that is, the curing tem-
perature is below the in-situ glass transition temperature of the curing resin. After
the modification, both the CLPT and CHILE models achieve improved predictions
on the warpage deflections, as shown in Figure 4.17, which agrees with the improved
prediction on the residual stresses presented in Ref. [115]. However, both models still
over-predict the warpage deflections, as well as the residual stresses, due to a lack
of capability to account for the stress relaxation effect when the composite is at the
glassy state. It is worth mentioning that the proposed modification is suitable only
for predicting the dimensional change caused by residual stresses as discussed in this
thesis. This modification ignores the curing-induced deformation when the compos-
ite is at the rubbery state (above the glass tranistion temperature). However, based
on the in-situ cure monitoring experiment using optical fiber sensors [116], the cur-
ing strains, including both thermal and chemical strains, exist after gelation, which
agrees with the viscoelastic model proposed in this study. Therefore, the proposed
thermo-viscoelastic processing model is useful for predicting curing-induced residual
stress development and the resulting dimensional change of thermoset composites.
4.4.6 Comparison of residual stresses predicted by different processing
models
The focus of this section is to compare the residual stresses predicted by different
processing models. For the CLPT model, the residual stress in each lamina can be
calculated based on the mid-plane strains and curvatures, which is demonstrated in
Appendix D. A MATLAB code was developed to predict the residual stresses in each
lamina in its principal material coordinates with “1” aligned with the fiber direction.
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Figure 4.17: Comparison between the viscoelastic and modified elastic processing
models.
For the FEA-based CHILE and viscoelastic models, the residual stresses across the
thickness are computed by averaging the stresses at the integration points with the
same through-thickness location. The residual stresses are primarily located in the
in-plane directions, and the in-plane stresses σ11 and σ22 along the through-thickness
direction obtained from the various models are shown in Figure 4.18. It is evident
that the residual stresses predicted by the CLPT model are the largest, followed
by the CHILE model. The modified CLPT and modified CHILE models predict
significantly lower residual stresses, which agrees with the warpage predictions shown
in Figure 4.16 and 4.17. In addition, compared with the modified CHILE model, the
viscoelastic model shows a 22.3% reduction on the maximum stress along the fiber
direction (σ11), and a 24.9% reduction on the maximum stress along the transverse
direction (σ22).
4.5 Conclusions
In this chapter, an integrated curing model that employs the multi-physics and
multi-scale modeling frameworks is introduced. As the thermal and chemical strains
are major contributing factors to the residual stresses, the first step is to predict
the temperature distribution and cure progression inside the laminate through heat
transfer analysis. As the internal heat generation is dependent on the cure progression
rate, the heat transfer governing equation is solved in conjunction with the resin
cure kinetics equation. The thermal and chemical strains are then included in a 3D
constitutive law to compute the residual stress increment.
A 3D thermo-viscoelastic constitutive law is employed to predict the residual
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Figure 4.18: Distribution of σ11 and σ22 along the through-thickness direction.
stress increment. At the global scale, each lamina is homogenized into a single and
orthotropic material with the effective composite properties computed from the fiber
and resin properties through the micromechanics model. Meanwhile, a micromechan-
ics model is implemented at each integration point of the homogenized model so
that the stress fields at the microscale can be back-calculated from the global stress
fields. As the resin demonstrates strong stress relaxation effects, a viscoelastic curing
model is used to compute the residual stress development. At each time increment,
the effective composite properties are predicted from the fiber and resin properties
using the micromechanics model and the correspondence principle. Such homoge-
nization scheme is validated by comparing the predicted relaxation moduli of the
unidirectional composites against the experimental results. The effective composite
properties are included in a 3D anisotropic viscoelastic constitutive law to evaluate
the residual stresses, and the differential form of the viscoelastic constitutive law is
numerically implemented considering the computational efficiency.
The accuracy of the proposed model is assessed by comparing the numerical pre-
diction of the warpage deflections against those of an anti-symmetric laminate man-
ufactured using the VARTM technique. This benchmark example is chosen as the
residual stresses can be visualized through the warpage, and the warpage deflection
is proportional to the magnitude of the residual stresses. Compared with other elas-
tic processing models, the proposed curing model is able to provide more accurate
predictions on both cure-induced strains and stresses.
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CHAPTER V
Applications of the Integrated Infusion-Curing
Model
5.1 Introduction
An integrated flow-curing model is proposed to predict the resin flow front, residual
stresses, and the deformed shape of the composite structures in the manufacturing
process. The flow and curing models incorporate multiple critical parameters that
influence the performance of the final composite structures, such as the fiber volume
fraction and composite thickness, are dependent on both the infusion and curing
processes. The flow chart of the integrated flow-curing model is demonstrated in
Figure 5.1. In the infusion process, the resin flow model and the fiber compaction
model are two-way coupled at each time increment. After the infusion simulation
is completed, the critical parameters such as the fiber volume fraction, DOC, and
temperature, as well as the deformed shape of the fiber preform, are mapped from
the flow model into the curing model to predict the residual stress development.
In the curing model, a thermal-chemical analysis is employed first to evaluate the
temperature and cure progression inside the composite. Based on the temperature and
DOC, the thermal and chemical strains are determined, and they are accommodated
in a 3D viscoelastic constitutive law to predict the residual stresses.
In the chapter, the modeling capabilities of the proposed model are demonstrated
in three benchmark examples. In the first example, a 2D flow model is created to
simulate that the resin is infused at a relatively high temperature. Due to the high
temperature, the cross-linking reaction is expedited, and the resin consolidates half-
way before fully wetting the fiber fabrics. The second example demonstrates the
capabilities of two-way coupled flow-compaction model for the VARTM process. The
third example demonstrates the manufacturing process of an L-shaped composite
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Figure 5.1: Flow chart of an integrated flow-curing model.
flange fabricated using the RTM technique, and the spring-in angle is observed after
the demolding.
5.2 Example 1: Infusion Under an Elevated Temperature
In the infusion process, it is a common practice to heat both the resin and the
mold in order to reduce the resin viscosity, which helps to expedite the infusion speed
and avoid the dry spots. However, since the epoxy and curing agents are mixed
before the infusion, if the infusion temperature is too high, the cross-linking reaction
is activated, and the resin viscosity grows significantly with the DOC. In this example,
the proposed model is able to predict the location where the resin flow front stops if
the resin is infused at the curing temperature.
A 2D flow model is created in STAR-CCM+ to simulate that four layers of plain
weave dry fiber fabrics with a dimension of 14” × 14” are infused with EPON 862/W
resin system at an elevated temperature of 170 ◦C using the VARTM technique. The
purpose of this example is to demonstrate our modeling capabilities of (1) incorpora-
tion of cure kinetics in the infusion simulation, (2) implementation of cure-dependent
resin viscosity and compaction pressure-dependent fabric permeability. It is expected
that before the resin fully impregnate the dry fiber fabrics, the resin flow front stops
in the half-way.
In this model, the VOF method is used to predict the resin flow front movement.
The thickness of the laminate is defined as a field function, and the local thickness
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is updated based on the compaction pressure through the power law equation (Eq.
(3.5)). The cure kinetics model of EPON 862/W resin is numerically implemented
into the model through a field function DOC. The internal heat generation caused by
the resin cross-linking reaction is programmed into the infusion model through a user-
defined subroutine. The entire flow domain is defined as a porous material, and its
viscous resistance is determined based on the fiber permeability, which is a function
of fiber volume fraction (Eq. (3.6)). A uniform temperature (170 ◦C) is prescribed
over the flow domain. At the left edge (infusion gate), the pressure is defined as
one atmospheric pressure, and the resin volume fraction is defined as a unity. The
infusion flow temperature is 170 ◦C. At the right edge, the pressure outlet boundary
condition is applied, and the pressure is set to be zero. The predicted flow front
movement and the resin DOC are demonstrated in Figure 5.2 and Figure 5.3. As the
cure progression proceeds, the resin viscosity grows exponentially. Under the driving
pressure of one atmospheric pressure, the resin flow speed decreases monotonically
with the growth of the DOC. Eventually, the resin flow stops half-way before fully
wetting the fiber fabrics.
Figure 5.2: Predicted flow front using the proposed model.
In order to validate the proposed model, the infusion experiments were carried out
using the EPON 862/W resin. Four layers of the plain weave fiber fabrics with the
edge length of 14” were placed in the middle of an 18” × 18” square aluminum mold.
After the fiber fabrics were covered by a layer of the vacuum bag, the fiber fabrics were
heated to 170 ◦C by a hot plate. In the meantime, the epoxy resin and curing agent
were heated to 170◦C separately in a vacuum oven before they were mixed. After
the epoxy and curing agent were mixed, they were infused into the fabrics driven by
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Figure 5.3: Predicted DOC using the proposed model.
the pressure difference created by a vacuum pump. After 40 minutes, the resin front
stopped before the resin fully wetted the whole fiber domain. A comparison between
the numerical model prediction and experimental data is demonstrated in Figure 5.4.
It can be seen that the location of the fluid front can be captured quite accurately by
the numerical model. The average distance between the flow front and the left edge
is 225 mm, and the predicted distance is 237 mm.
(a) Prediction of final flow front. (b) Flow front stops in the experiment.
Figure 5.4: Comparison between numerical predictions and experimental results.
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5.3 Example 2: Two-Way Coupled Flow-Compaction Simu-
lation
In this example, 16 layers of 2” × 10” fabrics are infused with EPON 862/W
under an elevated temperature of 90 ◦C using the VARTM technique. The purpose
of this example is to demonstrate the modeling capabilities of the two-way coupled
flow-compaction model.
In the flow model, a flow domain with a dimension of 50.8 mm × 254 mm is created
in STAR-CCM+ to represent the volume of the dry fiber fabrics. The thickness of
the fiber fabrics is 5.29 mm, which is the thickness of uncompressed fiber fabrics
determined from the compression relaxation experiment discussed in Chapter III. The
flow domain is defined as a porous material, and its permeability is defined based on
the thickness through the Kozeny-Carman equation (Eq. (3.6)). At the left end of the
composite strip, the pressure is set to 1 atmospheric pressure, and the volume fraction
of the resin is unity. At the right end of the strip, a pressure outlet boundary condition
is used, and the pressure is set to be zero. Based on the resin volume fraction, the pore
pressure is defined as a field function, and it is computed based on the resin volume
fraction. In the meantime, a fiber compaction model is constructed in Abaqus. The
fiber fabrics is modeled using C3D20 quadratic solid elements. Based on the pore
pressure, the compaction pressure applied on the fiber fabrics is computed, and the
mechanical response of the fiber fabrics is governed by a non-linear constitutive law
implemented in Abaqus subroutine UMAT. The compaction model is responsible for
computing the deformation of the fiber fabrics, and mapping the deformed shape back
into the flow model in STAR-CCM+.
In summary, in each time increment, based on the local thickness of the fiber fab-
rics, the permeability of the fiber fabrics is predicted through Eq. (3.6). According
to the temperature and time increment, the DOC of the resin is updated through
the resin cure kinetics model, and the viscosity of the resin is updated as well. The
resin volume fraction is then computed by solving the Navier-Stokes equations using
the VOF method. According to the resin volume fraction, the resin pore pressure is
updated, and its value is passed into Abaqus. According to the pressure equilibrium,
the compaction pressure is evaluated, and the deformed shape of the fiber fabrics
is updated using a non-linear elastic constitutive law implemented into Abaqus sub-
routine UMAT. At the end of the time increment, the deformed shape of the fiber
preform is mapped back into Abaqus through a C++ code. The predicted resin flow
front and fiber preform deformation are illustrated in Figure 5.5.
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t = 0.5 min
t = 9.5 min
t = 3.5 min
t = 12.5 min
t = 6.5 min
t = 15.5 min
Figure 5.5: Two-way coupled flow-compaction simulation showing the evolution of
flow front and the deformation of the fabric. A scale factor of 20 is
applied to magnify the fabric deformation.
In order to validate the accuracy of the model, the infusion experiment of the plain
weave fiber fabrics was carried out using the VARTM technique. In this experiment,
16 plies of 10” × 2” plain weave fiber fabrics were placed on an 18” × 18” aluminum
mold. The fiber fabrics together with the mold and the resin were heated to 90 ◦C
before the infusion. A camera was used to track the flow front movement. Figure
5.5 shows the comparison of the flow front obtained from the simulation and the
experiment. Race tracking was observed at the beginning of the experiment due to
the gap between the edges of the fabrics and the vacuum bag.
After the flow simulation, the deformed shape of the fiber preform is mapped from
STAR-CCM+ into Abaqus to predict the residual stress development. In the heat
transfer analysis, the composite is modeled using DC3D20 quadratic solid elements.
The temperature distribution inside the composite is governed by the heat transfer
governing equation (Eq. (4.1)) implemented in Abaqus subroutine UMATHT. At
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the bottom surface of the laminate, a Manufacturer Recommended Cure Cycle (Fig-
ure 4.12) is prescribed to simulate that the composite is heated by a hot plate in
the curing process. In the stress analysis, the composite structure is modeled using
the C3D20 quadratic solid elements. The mechanical response of the composite is
viscoelastic, and the homogenization scheme as well as the viscoelastic constitutive
law is numerically implemented into Abaqus subroutine UMAT. The boundary con-
ditions are applied on the composite to avoid the rigid body motion. The predicted
deformation of the textile composite is demonstrated in Figure 5.6. The accuracy
of the proposed model is assessed by comparing the predicted thickness against the
measured thickness of the composite strip (Figure 5.7), and the predicted thickness
(3.96 mm) is correlated well with the experimental results (average 3.98 mm).
Figure 5.6: Predicted composite thickness using the proposed model.
Figure 5.7: Measured thickness of the composite strip (mm).
5.4 Example 3: Spring-in Angle Prediction of L-Shaped Com-
posite Flanges
For the curved composite structures, the thermal and chemical strains induce the
reduction of enclosed angle (spring-in phenomenon). The goal of this example is to
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demonstrate the modeling capability to (1) predict the resin flow movement in an
L-shaped RTM mold, (2) capture the race-tracking issue in the RTM process, and
(3) predict cure-induced spring-in angle.
In this example, the wing length of the L-shaped flange is 3” (76.2 mm), and
the span length of the flange is 14” (355.6 mm). The thickness of the fabric is 3.34
mm. On the top surface, two circles with a diameter of 6 mm are created using the
“slicing” command in STAR-CCM+ to represent the resin inlet and outlet ports. A
velocity inlet boundary condition is prescribed on the inlet port, at which the volume
fraction of the resin is defined as unity, and a constant velocity of 0.1 m/s is used.
On the outlet port, the static pressure is set to be zero. Wall boundary conditions
are prescribed on the other exterior surfaces to simulate the interface between the
composite flange and the mold. As both sides of the mold are relatively rigid, the
deformation of the fiber preform is negligible, and the compaction of the fiber preform
is not considered in this example. The predicted flow front is illustrated in Figure
5.8.
t = 5.5 min
t = 22 min
t = 11 min
t = 27.5 min
t = 16.5 min
t = 33 min
Figure 5.8: Predicted flow front movement inside the L-shaped flange.
In the meantime, the proposed model is able to provide insights into the necessary
bleeding time. It is evident in Figure 5.9 that when the resin begins to flow out of
the outlet (t = 14 min), the fabrics are not fully impregnated. As a consequence, the
bleeding process is necessary to avoid the starvation problem. Based on the numerical
model, the recommended bleeding time is 19 minutes. In the experiment, a bleeding
time of 30 minutes is adopted to avoid the potential starvation issue.
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(a) Predicted flow front at 14 min. (b) Predicted flow front at 33 min.
Figure 5.9: Bleeding time of 19 min is recommended by the numerical model.
After the flow simulation, the composite is mapped from the flow model into the
curing model. The composite is modeled using the quadratic solid elements, and
the local orientations of each ply are defined in Abaqus. After the heat transfer
analysis and stress analysis, a spring-in angle of 1.66◦ occurs, as illustrated in Figure
5.10(a). In order to validate the proposed model, an L-shaped composite flange
was manufactured using 16 plies of the plain weave fiber fabrics through the RTM
technique. After the infusion process, the composite flange was cured at 170 ◦C
for two hours using the heat sheets attached to the mold. After the demolding, the
spring-in of the composite flange was measured using an angle gauge, as demonstrated
in Figure 5.10(b). The measured spring-in angle is 1.90◦, which is close to the 1.66◦
predicted by the integrated processing model.
In the RTM process, if the dimensions of the fiber fabrics are smaller than the
cavity size, clear channels that connect the inlet and outlet gates will be generated.
Since these clear channels can provide paths for the resin to flow out of the mold with
less resistance compared with wetting the fiber fabrics, most of the resin entering
the mold will flow through these channels rather than entering the porosity inside
the fiber fabrics, which is known as race tracking. When the resin flow through the
channels, only the edges of the flange will be wetted. However, the fiber fabrics in the
middle of the flange remain unwetted, resulting in a large starvation area as shown
in Figure 5.11.
The proposed processing model is able to capture this race-tracking phenomenon,
which also provides guidance on the dimension of the fabrics used in RTM process.
The whole flow domain is divided into two regions in our simulation model. The fiber
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(a) Predicted spring-in angle of 1.66◦. (b) Composite flange man-
ufactured using the RTM
technique.
Figure 5.10: Comparison between the numerical model and the experimental result.
Figure 5.11: Starvation caused by the race-tracking problem in the experiment.
fabrics located in the middle, and the clear channels surrounding the fiber fabrics
(gaps between the fiber and mold), are created using the “Slicing” command in STAR-
CCM+. The width of the channel is 0.25”. In the flow model, the fabrics are modeled
as an “porous” domain, while the channels are modeled using the “fluid” domain,
indicating that the channels can only be occupied by either the resin flow or the air.
After the flow enters the mold, the resin will flow into the channels, and only edges
of the composite flange are wetted by the resin. A large starvation area occurs in
the middle of the flange at the end of the flow simulation, as demonstrated in Figure
5.12.
5.5 Conclusions
An integrated flow-curing processing model that couples the infusion and curing
models is proposed to predict the resin flow front and composite deformations during
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t = 0.5 min
t = 12.5 min
t = 4.5 min
t = 16.5 min
t = 8.5 min
t = 20.5 min
Figure 5.12: Predicted flow front for the race-tracking problem.
the composite fabrication cycle. In this chapter, the capabilities of the proposed pro-
cessing model are demonstrated through three examples. The first example simulates
the infusion process in which the resin and fiber fabrics are heated to a tempera-
ture that is much higher than the recommended infusion temperature. As the resin
cure progression proceeds, the viscosity of the resin grows significantly, and the resin
eventually stops half-way before fully wetting the fiber fabrics. In the second exam-
ple, the entire manufacturing process of the VARTM application is modeled. In the
infusion process, the resin flow model and the fiber compaction model are two-way
coupled. After the infusion simulation, the deformed shape of the fiber preform is
mapped into the curing model to predict the residual stress increment. The accuracy
of the proposed model is assessed by comparing the predicted flow front and compos-
ite thickness after cure against the experimental results. The third example simulates
the entire manufacturing process of an L-shaped composite flange fabricated using the
RTM technique. The flow front as well as the spring-in angle after cure is predicted.
The accuracy of the model is validated by comparing the predicted spring-in angle
against that measured using an angle gauge.
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CHAPTER VI
Concluding Remarks
6.1 Summary
In this thesis, an integrated flow-curing processing model is developed to predict
the resin flow front and residual stress development in the composite manufacturing
process. In the infusion process, if the composite manufacturers cannot observe the
resin flow movement (e.g., the RTM process), the proposed model should be capable
of providing reliable prediction on the resin flow front movement. In addition, for
composite structures with complex geometries, the proposed processing model should
also be able to predict the locations where the dry spots are likely to form, which may
compromise the mechanical performance of the composite structures. In the curing
process, due to the material property mismatch between the fiber and curing resin, as
well as the volumetric shrinkage of the resin, residual stresses can develop inside the
composite structure, which induces the cure-induced deformation. Such unexpected
dimensional change can cause additional assembly efforts and costs for the composite
manufacturers. Therefore, it is essential to develop a physics-based curing model to
accurately capture the residual stress development and cure-induced deformation. At
the current stage in the literature, the resin flow movement is predicted by solving
the Navier-Stokes equations in both the resin and air phases, and the residual stresses
are evaluated using elastic curing models. Moreover, the flow and curing models are
usually developed independently, and the critical parameters such as the fiber volume
fraction cannot be predicted using the available processing models in the literature.
Therefore, it is essential to develop an integrated flow-curing processing model to
simulate the entire manufacturing process of fiber-reinforced composites.
In the infusion simulation of the proposed model, the resin flow movement is
captured using the VOF method as the resin infusion process involves solving the
multiphase flow problem. The key of the VOF method is to treat the resin–air
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mixture as a homogenized fluid, and the homogenized fluid properties are calculated
using the resin and air properties based on the volume fraction of the resin in each
element. The effective flow fields can be solved by the Navier-Stokes equations using
the effective material properties. Meanwhile, a tracking function is developed to
identify the resin–air phase. The cross-linking reaction of the resin system and the
cure-dependent resin viscosity are considered in the infusion model. The proposed
model demonstrates the capability to achieve two-way coupling between the resin
flow model and the fiber compaction model. Besides the flow model created in STAR-
CCM+, a fiber compaction model with the constitutive law characterized through the
compression-relaxation experiments is implemented into FEA software Abaqus. At
each time increment, based on the local fiber volume fraction, the permeability is first
updated. According to the local temperature and time increment, the resin DOC and
viscosity are then evaluated. The resin flow front is then solved through the Navier-
Stokes equations, and the resin pore pressure is updated accordingly. Subsequently,
the pore pressure is passed into Abaqus, and the compaction pressure is calculated
based on the pressure equilibrium. The deformation of the fiber preform is solved
through the FEA solver, and the nodal displacement is passed back to the flow model
created in STAR-CCM+. Compared with the flow models available in the literature,
the proposed model is applicable to composite structures with complex geometries.
Additionally, since the VOF method is employed to compute the resin flow front,
the proposed flow model is computationally efficient in that it solves fewer equations
compared with solving the governing equations in each phase directly.
After the infusion simulation is completed, the deformed shape of the fiber pre-
form is mapped into the FEA software, and the residual stress development in the
curing process is evaluated through a thermo-viscoelastic curing model. As the ther-
mal and chemical strains are major contributing factors to the residual stresses, the
first step is to conduct a thermal-chemical analysis in which the temperature and
DOC progression in the curing process are solved through a heat transfer governing
equation and cure kinetics model. Based on the solved temperature and DOC fields,
the thermal and chemical strains are evaluated, and they are included in a viscoelastic
constitutive law to capture the residual stress increment. Under the current compu-
tational power, it is difficult to construct a full-scale discrete simulation tool that
models individual fibers inside the composite structures. Instead, a multi-scale mod-
eling framework is employed in the stress analysis. At the macroscale, the composite
structure is homogenized into a single and orthotropic material, and the effective ma-
terial properties of the composite are computed from the fiber and resin properties
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through a micromechanics model and the correspondence principle of viscoelasticity.
The effective viscoelastic properties are then included in a 3D anisotropic viscoelastic
constitutive law, and the differential form is numerically implemented to improve the
computational efficiency. The accuracy of the proposed curing model is assessed by
comparing the predicted warpage deflections of an anti-symmetric laminate against
the experimental results.
The infusion and curing models are integrated, and the capabilities of the inte-
grated processing model are demonstrated in three examples. In the first example,
the processing model simulates the infusion process in which the fiber preform and
resin flow are heated to the recommended curing temperature of the resin. As the
cure progression proceeds, the viscosity of the resin grows exponentially, and the resin
flow front eventually stops half-way before fully wetting the fiber fabrics. The second
example demonstrates the two-way coupling between the flow and compaction mod-
els, as well as the integration between the infusion and curing models in the VARTM
technique. In the third example, the infusion of an L-shaped composite flange using
the RTM technique is simulated, and the spring-in angle caused by the cure-induced
deformations is predicted at the end of the processing simulation. The accuracy of
the proposed model is assessed in each example by comparing the predicted flow
front movement and cure-induced deformations against those characterized in the
experiments.
6.2 Future Work
There are several improvements that can be made in the future work.
6.2.1 Improvements on the fundamentals of the infusion model
For textiles, the resin has to fill both the intra-tow and inter-tow regions (dual-scale
porosity). In the current model, the textile fiber fabrics are treated as homogeneous
and porous materials. However, such simplification may not be applicable to the fiber
preform with complicated microstructures, such as traxially braided composites, and
the numerical predictions that employ such simplification can be significantly deviated
from the experimental results [54]. To resolve this issue, a multi-scale modeling
approach can be employed here as well. At the global scale, the composite can still
be treated as a homogenized material. However, at the integration point, a “sink” is
added. The amount of the resin that can be absorbed by the “sink” is dependent on
the microstructure of the textile fiber fabrics, and it can be determined by running a
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microscale RVE model that depicts the geometric features of the microstructures.
6.2.2 Multi-physics framework for predicting the residual stresses
In the curing process, the resin transforms from a liquid state into a solid state
through a cross-linking reaction. In the current study, it is assumed that the me-
chanical response of the curing resin before the gel point is described using an elastic
constitutive law. The elastic modulus is assumed to be 1% of the tensile modulus of
fully-cured resin at the “glassy” state, and the Poisson’s ratio is assumed to be 0.49
(incompressible state). Such treatment is made to avoid the zero-stiffness tensors in
the FEA solver. However, when the resin is at the liquid state, it is free to move
around, and it is subjected to the thermal expansion when the curing temperature
ramps. As a consequence, the fiber volume fraction of the composite may change
before the gel point. In the future work, it is better to employ a flow model using
the CFD technique to describe the resin movement and fiber volume fraction change
before the resin reaches the gel point.
6.2.3 Homogenization scheme for the resin at the rubbery state
When the curing temperature is above the in-situ glass transition temperature,
the resin is at the “rubbery” state. At this state, the resin demonstrates strong stress
relaxation effects, and the compressibility of the resin is negligible. Although the
correspondence principle of viscoelasticity is employed in this work, the application
of the elastic micromechanics models on computing the effective composite properties
in the frequency domain is questionable. In the elastic micromechanics models, both
constituents are compressible materials. However, at the “rubbery” state, the resin is
incompressible. In the future, the homogenized composite properties may be derived
based on the strain energy density.
6.2.4 Homogenization scheme for the textile composites
In this study, the textile composite is treated as a combination of fiber tows and
neat resin. The fiber tows are treated as unidirectional composites in the local mate-
rial coordinate, and the material properties of the fiber tows in the global coordinate
are computed from the unidirectional composite properties through tensor transfor-
mation. The most challenging part is to compute the textile composite properties
from the tow properties and the neat resin properties. At the current stage, the ef-
fective thermal properties are computed using the Rule of Mixtures, and the effective
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stiffness tensors are calculated based on the iso-strain assumptions. However, the
predicted properties are not experimentally characterized. More accurate predictions
can be made through the energy approach or textile architecture based RUC models.
82
APPENDICES
83
APPENDIX A
Derivation of Transverse Thermal Conductivity
and CTEs of Unidirectional Composites
A.1 Effective transverse thermal conductivity
The key to solving the effective composite properties through the ECCA model is
to apply appropriate boundary conditions such that the response of the cylinder pair
is equivalent to that of the composite. It should be noted that the ECCA model is
established in the cylindrical coordinate system, while the effective composite prop-
erties, which are used in the FEA, needs to be solved in the Cartesian coordinate
system. To determine suitable boundary conditions, a three-phase ECCA model (see
Figure A.1), in which the fiber and matrix phases are surrounded by an equivalent
composite medium, is employed to compute the effective transverse thermal conduc-
tivity [66]. The thermal properties of the equivalent composite medial are identical
to effective composite thermal properties (k2,c = k2,e). Since only transverse prop-
erties are concerned, this model was reduced to 2D by assuming that the fiber is
infinite long. Supposing that no internal heat is generated and temperature variation
is independent of time, the governing equation of heat transfer in each phase is,
1
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∂
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∂T
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= 0 (A.1)
Making use of separation of variables and periodic properties of temperature field
with respect to θ, the temperature field in each phase can be expressed as,
Ti(r, θ) = C
i
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r
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Figure A.1: A set of composite cylinders with insulated lateral surface.
Using Tf (r, θ), Tm(r, θ), Te(r, θ), Tc(r, θ) to represent temperature fields in fiber phase,
matrix phase, equivalent composite medium phase, and the homogenized model re-
spectively, there are 12 unknowns. Using the boundary conditions in Eq. (A.3), the
effective transverse thermal conductivity can be obtained.
Tf (0, θ) = finite value
Tc(0, θ) = finite value
Tf (a, θ) = Tm(a, θ)
k2,f
∂Tf
∂r
|r=a = km∂Tm
∂r
|r=a
Tm(b, θ) = Te(b, θ)
km
∂Tm
∂r
|r=b = k2,c∂Te
∂r
|r=b
Te(c, θ) = Tc(c, θ)
k2,c
∂Te
∂r
|r=c = k2,c∂Tc
∂r
|r=c
(A.3)
The last two boundary conditions come from the principle of homogenization. If
the three-phase ECCA is equivalent to the homogenized model, the temperature and
heat flux at the boundary should be identical. Solving Eq. (A.3) gives the effective
transverse thermal conductivity as,
k2,c =
(1 + Vf )k2,f + (1− Vf )km
(1− Vf )k2,f + (1 + Vf )kmkm (A.4)
A.2 Effective axial and transverse coefficients of thermal ex-
pansion
The effective thermal expansion coefficients of a unidirectional composite are de-
rived using the ECCA micromechanics model shown in Figure A.2. When a temper-
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Figure A.2: Fiber-matrix micromechanics model
ature increment is applied on the fiber–matrix cylinder pair, due to different thermal
expansion coefficients of the fiber and matrix, the elongations of the two cylinders
are different, resulting in internal stress development in the cylinders. As a result,
the response of the cylinder pair is not equivalent to that of a homogeneous cylinder
of the effective composite properties. To keep the micromechanics model stress-free
and the base surfaces flat, the following two combinations of loading and boundary
conditions need to be applied on the micromechanics model, and the stresses inside
the micromechanics model under the combined cases are solved through superposition
[112].
1. Case 1: Apply a plane-strain boundary condition (zz = 0) to the cylinder
pair after it is subjected to a temperature change of ∆T . The cylinder faces
perpendicular to the axial direction remain flat.
2. Case 2: Due to the constraint of zz = 0, axial stresses are developed in the fiber
and matrix cylinders. Then a state of uniform axial tension is superposed on
each component such that the net axial stress on each constituent can vanish.
Thus, Case 2 consists of uniform axial stress on each constituent, but each of a
different magnitude.
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A.2.1 Case 1: Computation of the temperature change induced axial
stresses with the end surfaces constrained (zz = 0).
It is assumed that the fiber–matrix cylinder pair is subjected to a temperature
change of ∆T . Under the plain strain condition (zz = 0), the stress along the axial
direction in the matrix phases can be expressed as,
σmzz = νm(σ
m
θθ + σrr)− Emαm∆T (A.5)
and the strains along the radial and hoop directions can be expressed as,
mrr =
1 + νm
Em
[
(1− νm)σfrr − νmσfθθ + αmEm∆T
]
mθθ =
1 + νm
Em
[(1− νm)σmθθ − νmσmrr + αmEm∆T ]
(A.6)
The only relevant equation of equilibrium for the axisymmetric planar problem is,
dσmrr
dr
+
σmrr − σmθθ
r
= 0 (A.7)
which is satisfied by the stress function F (r) defined as,
σmrr =
F
r
and σmθθ =
dF
dr
(A.8)
Substitute Eq. (A.8) into Eq. (A.6) and then into the compatibility equation, it
gives,
d
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[
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)
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(A.9)
The solution to Eq. (A.9) is,
F (r) = −( αmEm
1− νm )
1
r
∫ r
a
(∆T )rdr +
C1r
2
+
C2
r
(A.10)
From the definition of the stress function (Eq. (A.10)), the stress along the radial
and hoop directions can be expressed as,
σmrr(r) = −
(
αmEm
1− νm
)
1
r2
∫ r
a
(∆T )rdr +
C1m
2
+
C2m
r2
σmθθ(r) = −
(
αmEm
1− νm
)[
∆T − 1
r2
∫ r
a
(∆T )rdr
]
+
C1m
2
− C2m
r2
(A.11)
Likewise, we can compute stress along the radial and hoop directions in the fiber
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Matrix 
Fiber
  
  
Figure A.3: Fiber-matrix cylinder subjected to axial tension
phase through similar procedures as,
σfrr = −
α2,fE2,f (1 + k
2
2)
1− k21
1
r2
∫ r
a
(∆T )rdr +
C1f
2
+
C2f
r2
σfθθ = −
α2,fE2,f (1 + k
2
2)
1− k21
[
∆T − 1
r2
∫ r
a
(∆T )rdr
]
+
C1f
2
− C2f
r2
(A.12)
where,
k21 = ν
f
12ν
f
21 and k
2
2 =
α1,fν12,f
α2,f
(A.13)
A.2.2 Case 2: Application of axial stresses
When the cylinder pair is subjected to the temperature change of ∆T and the
ends are constrained (zz = 0), axial stresses are developed in each cylinder. To get
rid of these internal stresses, a state of uniform axial stress needs to be applied on
each component, as schematically shown in Figure A.3. The axial stresses applied on
the fiber and matrix are denoted as σ¯m and σ¯f , respectively.
The matrix strains under the uniform axial stress of σ¯m become,
mrr = −
νm
Em
σ¯m
mθθ = −
νm
Em
σ¯m
mzz =
σ¯m
Em
(A.14)
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Thus, the stresses and strains in the matrix resulting from the plane-strain problem
(Case 1) and the axial stress of σ¯m (Case 2) become,
σmrr = −
αmEm∆T
2(1− νm)
(
1− b
2
r2
)
+
C1m
2
+
C2m
r2
σmθθ = −
αmEm∆T
2(1− νm)
(
1 +
b2
r2
)
+
C1m
2
− C2m
r2
σmzz = νm (σ
m
θ + σ
m
r )− Emαm∆T +
σ¯m
Em
mrr =
1 + νm
Em
[(1− νm)σmr − νmσmθ + αmEm∆T ]−
νm
Em
σ¯m
mθθ =
1 + νm
Em
[(1− νm)σmθ − νmσmr + αmEm∆T ]−
νm
Em
σ¯m
mzz =
σ¯m
Em
(A.15)
In a similar manner, we can find the stresses and strains in the fiber under the
combined plane-strain and axial stress of σ¯f conditions as,
σfrr = −
α2,fE2,f (1 + k
2
2)(r
2 − a2)∆T
2r2(1− k21)
+
C1f
2
+
C2f
r2
σfθθ = −
α2,fE2,f (1 + k
2
2)∆T
2(1− k21)
+
C1f
2
− C2f
r2
σfzz = ν21,f
E1,f
E2,f
(σθ + σr) + σ¯f − E1,fα1,f∆T
frr = σ
f
r
1− k21
E2,f
− σfθ
ν23,f + k
2
1
E2,f
+
E2,f
E2,f
∆T (α1,fν12,f + α2,f )
− ν12,f
E1,f
σ¯f
fθθ = σ
f
θ
1− k21
E2,f
− σfr
ν23,f + k
2
1
E2,f
+
E2,f
E2,f
∆T (α1,fν12,f + α2,f )
− ν12,f
E1,f
σ¯f
fzz =
σ¯f
E1,f
(A.16)
The unknowns in Eqs. (A.15) and (A.16) are C1f , C2f , C1m, C2m, σ¯f , and σ¯m. To ob-
tain closed-form solutions of these six unknowns, six boundary/continuity conditions
are required, which are,
1. At r = 0, σfrr is finite (bounded)
2. At r = b, σmrr = 0
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3. The resultant axial force on the composite is zero, i.e.,
∫ a
0
σfzz(r)rdr+
∫ b
a
σmzz(r)rdr
4. Continuity of radial stress at r = a; therefore σfrr(r = a) = σ
m
rr(r = a)
5. No relative slip in the axial direction; fzz(r = a) = 
m
zz(r = a)
6. No relative slip in the radial direction; fθθ(r = a) = 
m
θ (r = a)
Thus, all the strains, stresses and displacements within the fiber and matrix for
a given temperature change of ∆T can be solved. The effective axial and transverse
thermal expansion coefficients of the composite then can be calculated as,
α1,c =
rr(r = b)
∆T
and α2,c =
θθ(r = b)
∆T
(A.17)
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APPENDIX B
Analytical Expressions of Unidirectional Lamina
CTEs and Chemical Strains
The lamina axial (α1) and transverse (α2) CTEs can be expressed using the fiber
and matrix properties through the ECCA model as [2],
α1 =
λ11
∆
αf1Vf +
λ12
∆
αf2Vf +
λ13
∆
αm(1− Vf )
α2 =
λ21
∆
αf1Vf +
λ22
∆
αf2Vf +
λ23
∆
αm(1− Vf )
(B.1)
where,
∆ = Ef1VfK
f
23(4ν
mVf − 2Vf − 2)(1 + νm) + Ef1VfEm(1− Vf )
− Em(1− Vf ){{[(8νf12 + 2)νm − 4νf
2
12 − 2]Vf − 2(νm + 1)}Kf23
− Em(1− Vf )}
λ11 = E
f
1 [−Em(1− Vf ) +Kf23(4νmVf − 2Vf − 2)(1 + νm)]
+ 4EmKf23ν
f
12(ν
m − νf12)(1− Vf )
λ12 = 4E
mKf23(ν
m − νf12)(1− Vf )
λ13 = 2(1 + ν
m)[(2νf12 − 1)Vf − 1]Kf23Em − Em
2
(1− Vf )
λ21 = (1− Vf )[(2νm2Ef1 + 4Emνmνf12 + 2Ef1 νm − 4Emνf12)
Kf23 + E
f
1E
mνm]
λ22 = 4[(ν
f
12ν
m − 1)(1− Vf )Em + Ef1Vf (νm
2 − 1)]Kf23
λ23 = −Em2(1− Vf )− {[4νf212 − 4νf12 − 2)Kf23 + Ef1 ]Vf
+ 2Kf23}(1 + νm)Em − 2VfEf1Kf23(1 + νm)2
(B.2)
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Using the same approach presented in Appendix A, the incremental chemical
strains can be calculated as,
∆εch1 =
λ13
∆
∆εm,ch(1− Vf )
∆εch2 =
λ23
∆
∆εm,ch(1− Vf )
(B.3)
where ∆εm,ch is the incremental chemical strain of the pure resin calculated from the
total volumetric shrinkage of the curing resin (vTsh), as,
∆εm,ch =
(
1 + vTsh∆φ
) 1
3 − 1 (B.4)
where ∆φ is the DOC increment in each time step.
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APPENDIX C
Mathematical Manipulation of the 3D Viscoelastic
Constitutive Law
After the homogenization scheme, the effective viscoelastic properties of the uni-
directional lamina still have the form of the generalized Maxwell model. They are
included in the stiffness relaxation tensor of a 3D viscoelastic constitutive law as,
Cr(t) =

C11(t) C12(t) C13(t) 0 0
C12(t) C22(t) C23(t) 0
C13(t) C23(t) C33(t) 0 0 0
0 0 0 C44(t) 0 0
0 0 0 0 C55(t) 0
0 0 0 0 0 C66(t)

(C.1)
Each entry in the stiffness relaxation tensor (Eq. (C.1)) can still be expressed using
the Generalized Maxwell model, as,
Cij(t) = Aij +
N∑
k=1
W kij exp(−
t
τ kij
) (C.2)
Combining Eq. (4.2), Eq. (C.1) and Eq. (C.2) gives the viscoelastic stress–strain
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relations show in Eq. (4.2). The normal stresses are,
σ11 = A11ε11,eff +
N∑
k=1
∫ t
0
W k11 exp(−
t
τ k11
)
dε11,eff
ds
ds+ A12ε22,eff
+
N∑
k=1
∫ t
0
W k12 exp(−
t
τ k12
)
dε22,eff
ds
ds+ A13ε33,eff
+
N∑
k=1
∫ t
0
W k13 exp(−
t
τ k13
)
dε33,eff
ds
ds
σ22 = A12ε11,eff +
N∑
k=1
∫ t
0
W k12 exp(−
t
τ k12
)
dε11,eff
ds
ds+ A22ε22,eff
+
N∑
k=1
∫ t
0
W k22 exp(−
t
τ k22
)
dε22,eff
ds
ds+ A23ε33,eff
+
N∑
k=1
∫ t
0
W k23 exp(−
t
τ k23
)
dε33,eff
ds
ds
σ33 = A13ε11,eff +
N∑
k=1
∫ t
0
W k13 exp(−
t
τ k13
)
dε11,eff
ds
ds+ A23ε22,eff
+
N∑
k=1
∫ t
0
W k23 exp(−
t
τ k23
)
dε22,eff
ds
ds+ A33ε33,eff
+
N∑
k=1
∫ t
0
W k33 exp(−
t
τ k33
)
dε33,eff
ds
ds
(C.3)
The shear stresses can be expressed as,
σ23 = A44ε23,eff +
N∑
k=1
∫ t
0
W k44 exp(−
t
τ k44
)
dε23,eff
ds
ds
σ13 = A55ε13,eff +
N∑
k=1
∫ t
0
W k55 exp(−
t
τ k55
)
dε13,eff
ds
ds
σ12 = A66ε12,eff +
N∑
k=1
∫ t
0
W k66 exp(−
t
τ k66
)
dε12,eff
ds
ds
(C.4)
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APPENDIX D
Correlation Between Warpage Deflection and
Residual Stresses
In an antisymmetric laminate, the residual stresses are related to the in-plane
stresses of each lamina, which can be calculated using the CLPT [39]. The reduced
stiffness matrix and the CTEs of the 0◦ ply can be written as,
[Q¯]0◦ =
 Q11 Q12 0Q12 Q22 0
0 0 Q66
 (D.1)
{α}0◦ =

α1
α2
0
 (D.2)
The reduced stiffness matrix and the CTEs of the 90◦ ply can be calculated from
the material properties of the 0◦ ply using the tensor transformation as,
[Q¯]90◦ =
 Q22 Q12 0Q12 Q11 0
0 0 Q66
 (D.3)
{α}90◦ =

α2
α1
0
 (D.4)
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Based on the CLPT, the A, B, and D matrices of the [02/902] laminate can be
calculated based on Ref. [39], and the thermal loadings can be calculated using Eq.
(4.38). Based on the constitutive law of the CLPT, the mid-plane strain and curvature
of the laminate can be calculated as [39],
{
0
κ
}
=
[
A B
B D
]−1{
NT
MT
}
(D.5)
and the final expressions for mid-plane curvatures are,
κx = − 6∆T (α1 − α2)(Q11Q22 −Q
2
12)
t(Q211 + 14Q11Q22 − 16Q212 +Q222)
κy =
6∆T (α1 − α2)(Q11Q22 −Q212)
t(Q211 + 14Q11Q22 − 16Q212 +Q222)
κxy = 0
(D.6)
Since the out-of-plane displacement can be expressed as w = 1
2
(κxx
2 +κyy
2 +κxyxy),
the out-of-plane displacement field of the [02/902] laminate can expressed as,
w(x, y) =
3∆T (α1 − α2)(Q11Q22 −Q212)
t(Q211 + 14Q11Q22 − 16Q212 +Q222)
(x2 − y2) (D.7)
By plotting the displacement contour given in Eq. (D.7), it can be found that the
maximum out-of-plane displacement is,
wmax = −3ψL
2
4t
(D.8)
where L is the edge length of the laminate, and ψ is defined as,
ψ =
∆T (α1 − α2)(Q11Q22 −Q212)
Q211 + 14Q11Q22 − 16Q212 +Q222
(D.9)
In addition, based on the in-plane strains and curvatures calculated from Eq.
(D.5), the residual stress in each lamina can be calculated as [39],
{σ}k = [Q¯]k({0}+ z{κ} − {α}k∆T ) (D.10)
where z is the through-thickness location. For the 0◦ laminae, the residual stress
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components can be expressed as,
σ0xx = −
4wmax
3L2
[6(Q11 −Q12)z + (7Q11 − 8Q12 +Q22)t]
σ0yy = −
4wmax
3L2
[6(Q22 −Q12)z + (7Q22 − 8Q12 +Q11)t]
σ0xy = 0
(D.11)
It can be mathematically proved that the residual stress components in the 90◦ lam-
inae in the principal material coordinate are identical to Eq. (D.11). It is clear that
the residual stress components in each lamina have a linear relation with the maxi-
mum out-of-plane displacement, and the rest of terms in Eq. (D.11) are only related
to the lamina properties and the dimensions of the lamina. In fact, for the mate-
rial system used in this paper (Q11 = 1.20×105 MPa, Q12 = 2.12×103 MPa, Q22 =
6.82×103 MPa, Q66 = 3.24×103 MPa), the maximum residual stress in the laminae
can be determined as,
σ0xx,max = −
4twmax
3L2
(7Q11 − 8Q12 +Q22)
σ0yy,max = −
4twmax
3L2
(7Q22 − 8Q12 +Q11)
σ0xy,max = 0
(D.12)
Thus, it is safe to conclude that the maximum residual stresses have a linear relation
with the resulting maximum out-of-plane displacement based on the CLPT model.
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